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Preface

This book compiles recent advances in research and development in the area of
damage and fracture of composite materials and structures. Majority of these
chapters have been presented and discussed at the Special Session on Damage and
Fracture of Composite Materials and Structures of the 4th International Confer-
ence on Advanced Computational Engineering and Experimenting (ACE-X), held
during 8–10 July, 2010 in Paris, France. Invited chapters on selected topics are
included. The scope of the book covers experimental, analytical and computational
aspects of the mechanics of fibrous composites. The chapters report on updates
related to testing of composite samples for determination of mechanical properties,
discussion on the observed failure mechanisms and numerical modeling of
deformation response of the composites to loading. Behavior of fibrous compos-
ites, sandwich structures and fiber-metal laminates to impact and blast loading are
discussed. Response of composite structures under both static and dynamic loading
is described.

Each chapter is written as a self-contained report on recent research works of
the respective authors. However, many issues related to damage and fracture of the
composite are common. These include dominant fracture mechanisms, damage-
based models and simulation approaches. The book is suitable not only for
research, but also for advanced reference and applications.

We acknowledge contributions from authors, many of whom are principal
researchers of their projects on characterization of composite materials and
structures. Thank you to Hassan Osman Ali for assistance in preparing this
monograph.

Johor, Malaysia, 2011 M. N. Tamin
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Introduction

M. N. Tamin

Abstract Fiber-reinforced composites cover wide range of composite materials
and structures including laminated panels of unidirectional plies, sandwich
structures with fiber-reinforced composite skins and flexible core, and fiber-metal
laminates. A typical advanced composite structure will likely experience quasi-
static and dynamic loading. Under such damage-induced operating load condi-
tions, reliability of the structure largely depends on the continual process of
damage initiation and subsequent damage propagation to catastrophic fracture.
The development of validated damage and failure models and availability of vast
computing power would enable establishment of a validated framework for
addressing structural reliability and safety issues of these composite structures.

Keywords Fiber-reinforced composites � Damage-based models � Continuum
damage mechanics � Damage mechanisms � Fatigue

Fiber-reinforced composites cover wide range of composite materials and struc-
tures such as laminated panels of unidirectional plies, sandwich structures with
fiber-reinforced composite skins and flexible core, and fiber-metal laminates
(FML). Although glass and carbon fibers is relatively common, polymer, metal and
ceramic fibers are being used as reinforcement phase in specific applications.
Fiber-reinforced polymer (FRP) matrix composites offer an alternate replacement
material to high-strength metals. In the transportation sector, the use of light-
weight carbon fiber-reinforced polymer (CFRP) composites in airframe, automo-
tive and railcar structures leads to improved (lower) fuel consumption and/or
increased payload. The growth in use of CFRP composites from 15% in 1990

M. N. Tamin (&)
Faculty of Mechanical Engineering, Center for Composites,
Universiti Teknologi Malaysia (UTM), 81310 Skudai, Johor, Malaysia
e-mail: taminmn@fkm.utm.my

M. N. Tamin (ed.), Damage and Fracture of Composite Materials and Structures,
Advanced Structured Materials 17, DOI: 10.1007/978-3-642-23659-4_1,
� Springer-Verlag Berlin Heidelberg 2012
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(A320) to over 50% in 2010 (A380) for airframe structures and high lift compo-
nents is demonstrated [1]. The increasing use of CFRP composites is derived from
its high strength-to-weight ratio, high specific modulus and flexible design through
sequencing of the pre-impregnated laminates for tailored strength and stiffness
properties in particular loading direction. The composite’s resistance to environ-
mental corrosion is an added advantage over their metallic counterpart. This
intrinsic property is appealing to applications in construction industry for bridges
and wastewater and chemical storage tanks. Other property such as the composites
transparency to radar is valuable for stealth applications.

In numerous applications the composite structure will be subjected to both static
and transient load throughout the design lives. As such, it is essential to identify
dominant damage mechanisms and quantify failure process of the composite
materials. This calls for evaluation of the materials resistance to quasi-static, impact
and fatigue loading along with establishment of mechanical damage evolution.
Reliability of the composite structure under such damage-induced operating load
conditions depends on the continual process of damage initiation and subsequent
damage propagation to catastrophic fracture. Such reliability data is indispensable
during both initial material selection and detailed engineering design stage of a
composite structure. Simple tests of the laminated composite coupons under tension,
compression, shear and flexural loading are useful to measure intrinsic properties of
the composites [2–4]. Fracture tests on pre-cracked samples are often used to
establish fracture toughness and critical energy release rates of the composites in
Mode I and II loadings [5]. However, specially-designed specimen, jigs and fixtures,
and environmental chamber are required to establish mixed-mode loading effects [6],
mean stress effects on fatigue life and moisture conditioning effects in accelerated
testing [7]. The FRP composites ability to be fabricated into a wide range of lami-
nated configurations can create costly materials evaluation programs. The magnitude
of the test program could be reduced by implementing reliable life prediction models
based on the properties and macro-lay-ups of the laminates.

Failure process in FRP composites is a complex phenomenon. The different
failure modes such as matrix yielding, matrix cracking, fiber/matrix interface
de-bonding, fiber pull-out, fiber fracture and inter-ply delamination could occur in
isolation or synergize simultaneously in FRP composites. An example of the
various failure modes for unidirectional SiC fiber-reinforced titanium metal matrix
composite is shown in Fig. 1. Additional fracture mechanisms observed following
high-velocity impact and blast load are sheared, deformed and melted fibers,
ductile tearing, thinning and sheared fracture of the metal in FMLs. Interface
delamination in CFRP composites is of particular interest in view of the relatively
weak ply-to-ply interface strength and the large interface shear stresses developed
during loading. Interface delamination failure leads to significant loss of the load-
carrying capacity and occurs in the absence of any visible damage of the CFRP
composite [8]. However, bridging crack growth observed in continuous fiber-
reinforced composites contributes to fracture toughness of the material through
load shedding mechanisms [9]. Such critical delamination failure and bridging
crack growth process could be accounted for in the design phase with the aid of
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numerical modeling and validation testing of FRP composite specimens. In this
respect, several materials models have been proposed and examined for predicting
the composite strength with the different types of constituent defects. These
include stress-based failure models [10–12] and strain-based criteria [13, 14] for
matrix cracking and fiber fracture. Complete treatment of the mechanics of
composite materials and the various failure models is best described in textbooks
and handbooks [15–17]. The progression of each type of defects under fatigue load
cycles dictates the useful life of the part. In this respect, cohesive zone model has
been formulated for predicting ply interface delamination damage initiation and
subsequent propagation under monotonic loading condition [18, 19]. The damage-
based model employing virtual crack closure concept is introduced to account for
load reversals in fatigue failure of the laminates [20, 21].

The simultaneous occurrence of multiple failure modes in a composite part
under loading could not be represented by any of these models in isolation. To this
end a unified approach based on continuum damage mechanics concept is much
needed to account for the synergy effects of multiple failure mechanisms in FRP
composites. Implementation of the newly-developed damage-based models into
commercial finite element codes (e.g. [22]) and availability of vast computing
power would yield a validated framework for addressing structural reliability and
safety issues of FRP composite structures.
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Fig. 1 Bridging crack
growth mechanism in SiC
fiber-reinforced Ti-metal
matrix composite illustrating
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fiber/matrix interface
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cracking. Fatigue crack
growth test at 500 C,
10 Hz [9]
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Mode-I Crack Control by SMA Fiber
with a Special Configuration

M. Jin and S. H. Chen

Abstract Crack propagation in solid members is an important reason for structure
failure. In recent years, many research interests are focused on intelligent control
of crack propagation. With the rise in temperature, contraction of prestrained SMA
fiber embedded in matrix makes retardation of crack propagation possible.
However, with the rise in temperature, separation of SMA fiber from matrix is
inevitable. This kind of separation weakens effect of SMA fiber on crack tip. To
overcome de-bonding of SMA fiber from matrix, a knot is made on the fiber in this
paper. By shape memory effect with the rise in temperature, the knotted SMA fiber
generates a couple of recovery forces acting on the matrix at the two knots. This
couple of recovery forces may restrain opening of the mode-I crack. Based on
Tanaka constitutive law on SMA fiber and complex stress function near an elliptic
hole under a point load, a theoretical model on mode-I crack is proposed. An
analytical expression of relation between stress intensity factor (SIF) of mode-I
crack closure and temperature is got. Simulation results show that stress intensity
factor of mode-I crack closure decreases obviously with the rise in temperature
higher than the austenite start temperature of SMA fiber, and that there is an
optimal position for SMA fiber to restrain crack opening, which is behind the crack
tip. Therefore the theoretical model supports that prestrained SMA fiber with knots
in martensite can be used to control mode-I crack opening effectively because
de-bonding between fiber and matrix is eliminated. Specimen of epoxy resin
embedded with knotted SMA fiber can be made in experiment and is useful to an

M. Jin (&) � S. H. Chen
The State Key Laboratory of Nonlinear Mechanics (LNM),
Beijing 100190, People’s Republic of China
e-mail: mjin@bjtu.edu.cn

M. Jin
Department of Mechanics, School of Civil Engineering, Beijing Jiaotong University,
Beijing 100044, People’s Republic of China

M. N. Tamin (ed.), Damage and Fracture of Composite Materials and Structures,
Advanced Structured Materials 17, DOI: 10.1007/978-3-642-23659-4_2,
� Springer-Verlag Berlin Heidelberg 2012

5



analytical study. However, in practical point of view, SMA fiber should be
embedded in engineering structure material such as steel, aluminum, etc. The
embedding process in these matrix materials should be studied systematically in
the future.

Keywords Crack control � SMA fiber � Actuator � Complex stress function

1 Introduction

Crack propagation in solid members is an important reason for structure failure.
Many researchers are interested in methods of crack control. With the rise in
temperature, contraction of prestrained shape memory alloy (SMA) fiber embed-
ding in matrix makes retardation of crack propagation possible. Rogers et al. [1]
proposed that embedded prestrained SMA fiber near crack tip may reduce the stress
by contraction effect of SMA under increase of temperature. Photoelastic pictures
and finite element analysis show that stress intensity factor (SIF) of a specimen
embedded with prestrained SMA fiber decreased as temperature increases [2–4]. To
overcome separation of SMA fiber from matrix, surface of SMA fiber is treated
chemically [2]. Shimamoto et al. [5–8] and Umezaki et al. [9] indicated that stress at
the tip of mode-I crack in epoxy matrix with SMA fiber can be reduced by heating
SMA fiber. Quality change in matrix near SMA fiber is observed if the temperature
is too high. This kind of quality change damages the contraction effect of SMA fiber
on crack closure in matrix. Araki et al. [10, 11] performed a micromechanical
model on crack closure considering crack bridging fibers and compared their
numerical results with experiment. Experiments in these researches give a possible
way in practical use to control crack propagation in a specimen.

However, with the rise in temperature, separation of SMA fiber from matrix is
inevitable. This kind of separation weakens effect of SMA fiber on crack tip. In
other words, effect of those applications is limited by the interfacial debonding.
Umezaki [12] proposed a type of spiral SMA wire to prevent separation of SMA
wire from matrix. In order to avoid the interface de-cohesion or sliding, Gabry
et al. [13] used different surface treatments on SMA wires. Pullout tests and
scanning electronic microscopy observations [14] indicated that increasing the
number of turns of the twisted NiTi wires strengthens bonding strength between
fiber and matrix. Zhou et al. [15–17] studied SMA fiber debonding in matrix.
Wang et al. [18] proposed a theoretical model for SMA pullout from an elastic
matrix. Hu et al. [19] studied interface failure between SMA fiber and matrix by
shear lag model. Considering debonding at the interface between SMA wires and a
polymer matrix, Wang [20] estimated the minimum volume fraction of SMA wires
required to produce stress for the active crack closure. By finite element simula-
tion, Burton et al. [21] indicated that reverse transformation of SMA wires during
heating causes a closure force across the crack.

6 M. Jin and S. H. Chen



To improve effect of SMA fiber on matrix, small knots on SMA fiber are made
by authors. Figure 1 shows configuration of a prestrained SMA fiber with knots at
each end. With the rise in temperature, the SMA fiber contracts and the two knots
on the fiber locking tightly on matrix by recovery stress. This recovery force may
reduce the stress intensity factor at the crack tip and make the crack closure. In this
process, the fiber cannot be debonded from matrix totally. Therefore, as an actu-
ator in practical use, knotted SMA fiber can be embedded in matrix to control
crack propagation. Relation of stress intensity factor with temperature is an
important problem in crack control. In this paper, an approximate model on stress
intensity factor of mode-I crack closure in matrix is proposed on a specimen with
embedded SMA fiber with knots.

2 Relation of Recovery Force on Matrix with Temperature

See Fig. 1. Considering a specimen with a mode-I crack in matrix embedded with
a prestrained SMA fiber with knots in martensite. SMA fiber is perpendicular to
crack surface. Plane strain problem is considered.

2a and 2h denote length of crack and length between the two knots, respec-
tively. l denotes distance from the right crack tip to the fiber. With the rise in
temperature, the knotted SMA fiber contracts due to phase transformation from
martensite to austenite. The SMA fiber generates a couple of recovery forces �P at
upper knot Z0 and P at lower knot Z0 acting on matrix where

Z0 ¼ aþ l þ ih; ð1Þ

crack

s

knotted SMA fiber

a
h

a

h

l
photo of a knot

Fig. 1 A knotted prestrained SMA fiber perpendicular to crack surface
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Z0 denotes conjugate of Z0; and i denotes imaginary unit. See Fig. 2. Because
bonding on interface between fiber and matrix is much weaker than locking
between knot and matrix, interfacial shear stress is neglected in this paper.
Therefore, the knotted SMA fiber is in simple tension by axial load, P. We have

P ¼ srf ; ð2Þ
where rf and s denote recovery stress and area of the SMA fiber, respectively. In
phase transformation, strain of SMA fiber is about several percent which is one
order higher than strain of epoxy in elastic range. So we neglect strain of matrix
when we consider strain of SMA fiber. Because each knot is locked in the matrix
as the fiber contracts, increase of normal strain of SMA fiber embedding in the
matrix is approximately zero, i.e.

def ¼ 0; ð3Þ
where ef denotes normal strain of SMA fiber in phase transformation. Based on the
Tanaka one-dimensional constitutive law on SMA [22], we have

drf ¼ Ef def þH dT þ X dn; ð4Þ
where Ef denotes Young’s modulus; H denotes thermoelastic modulus; and X
denotes phase transformation modulus. If eL denotes maximum residual strain, we
have X ¼ �Ef eL in SMA fiber. drf , dT and dn denote increase of normal stress,
rise in temperature and increase of martensitic volume fraction of SMA fiber.
Martensitic volume fraction, n is a function of stress, rf and temperature, T , i.e.,

n ¼ n rf ; T
� �

: ð5Þ
Substituting Eqs. 3 to 5 into 4, we have increase of recovery stress

y

x

0
Z

Z0

P

h

P

h

l

Fig. 2 A couple of recovery
forces, P acting on matrix
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drf ¼
Hþ X on

oT

1� X on
orf

dT : ð6Þ

In phase transformation from martensite to austenite with rise in temperature,
function (5) can be approximated by an exponential function [22] with respect to
temperature, T , i.e.,

n ¼ exp aA As � Tð Þ þ bArf
� �

; ð7Þ
where aA ¼ �2 ln 10

As�Af
; bA ¼ aA

CA
; As and Af are austenite start temperature and austenite

finish temperature of SMA fiber, respectively; CA denotes influence coefficient of
stress on transition temperature.

Substituting Eq. 7 into 6, we have

drf ¼
H� aAX exp aA As � Tð Þ þ bArf

� �
1 � bAX exp aA As � Tð Þ þ bArf

� � dT : ð8Þ

Before heating the SMA fiber, stress in the SMA fiber is zero as temperature,
T �As. The initial value of rf in Eq. 8 is rf

��
T¼As

¼ 0. Generally, we can solve

initial value problem (8) numerically by the Euler iteration. However, in Appendix
A, we have an analytical solution of initial value problem (8) on martensitic
volume fraction, n

T ¼ ln n� bAX n� 1ð Þ
bAH� aA

þ As

rf ¼ ln n� aA As � Tð Þ
bA

8>><
>>: ð9Þ

where n decreases at 1. For a given n, we can get T and rf from Eq. 9. Substituting
the value of rf into Eq. 2, we have relation of point load, P with temperature, T :
Figure 3 shows curve of recovery stress, rf versus temperature, T .

40 50 60 70
0

200

400

600

T ( C )

f £¨ MPa£© 

o

Fig. 3 Recovery stress, rf
versus temperature, T

Mode-I Crack Control by SMA Fiber 9



3 Stress Intensity Factor of Mode-I Crack Closure Under
a Couple of Point Loads

Complex stress function of an elliptic hole in plane strain under a point load is
given by [23]. The elliptic hole degenerates into a crack in Fig. 1 as perpendicular
axis of elliptic hole tends to zero. Thus we can get complex stress function of the
crack under a point load. Based on this complex stress function, we can get stress
intensity factor of mode-I crack closure under a couple of point loads P in Fig. 2.
The formulation can be seen in Appendix B. Considering Eq. 2, we have

ffiffiffi
a

p
s

KI ¼ rfffiffiffi
p

p 2Im
1

f0 � 1

� 	
þ 1þ m0ð ÞIm f0 þ

1

f0

� 	
Re

f20
f0 þ 1ð Þ f0 � 1ð Þ3

" #( )
;

ð10Þ
where KI is the stress intensity factor of mode-I crack closure, f0 is given by

Z0 ¼ a
2 f0 þ 1

f0


 �
; m0 ¼ m

1�m where m denotes Poisson’s ratio of matrix; ReðÞ and ImðÞ
denote real component and imaginary component of ðÞ, respectively. Recovery
stress, rf can be calculated numerically from Eq. 8 under a temperature, T or
analytically from Eq. 9. Substituting recovery stress, rf into Eq. 10, we have the
stress intensity factor, KI of mode-I crack closure. Then we have relation of the
stress intensity factor, KI of mode-I crack closure with temperature, T .

4 Numerical Results

Material properties of SMA fiber are listed in Table l, where Ef denotes Young’s
modulus; eL denotes maximum residual strain; As denotes austenite start temper-
ature; Af denotes austenite finish temperature; H denotes thermoelastic modulus;
CA denotes influence coefficient of stress on transition temperature. Poisson’s ratio
of matrix is m ¼ 0:3.

Figure 3 shows curve of recovery stress, rf versus temperature, T . It is shown
that recovery stress, rf reaches about 600 MPa as temperature rises to 70�C.
Figure 4 shows martensitic volume fraction, n as a function with respect to
temperature, T in phase transformation in Figs. 5, 6, 7, 8 and 9. It is shown
that martensitic volume fraction, n decreases as the temperature rises from 40
to 70�C:

Table 1 Material Properties of NiTi Fiber [16, 21]

Ef eL As Af H CA

37.4 GPa 0.067 37.7oC 47.2oC 9.1 MPa/oC 20.3 MPa/oC

10 M. Jin and S. H. Chen
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Fig. 4 Martensitic volume
fraction, ξ versus
temperature, T
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Fig. 5 The closure stress
intensity factor, KI versus
temperature, T for different
fiber position as h/a = 1.0
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As crack length is the same as fiber length, i.e. ha ¼ 1:0, Fig. 5 shows the stress
intensity factor of mode-I crack closure as function with respect to temperature for
different fiber position. It is shown that stress intensity factor decreases almost

-1.5 -1.0 -0.5 0.0 0.5 1.0
-500

-400

-300

-200

-100

0

l/a

70

65

60

55

50

45

T = 40 oC

a    K 
I
 /s  ( Pa )

1/2Fig. 6 The closure stress
intensity factor, KI versus
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linearly with rise in temperature. It is shown that stress intensity factor may take
the minimum value at the same temperature between l

a ¼ � 0:2 and � 0:4. Figure 6
shows closure stress intensity factor as a function with respect to fiber position at
different temperature. At the same temperature, the nearer the fiber locates the
crack tip, the little the stress intensity factor is. Effect of crack closure of the fiber
behind crack tip is more obvious than that of the fiber in front of crack tip. It is also
shown that there is an optimal position for fiber where the stress intensity factor
takes the minimum value. For h

a ¼ 1:0, this optimal position for effect of crack

closure is approximately at l
a ¼ � 0:3 behind the crack tip. Figures 7 and 8 show

the stress intensity factor of mode-I crack closure as a function with respect to fiber
position at different temperature for h

a ¼ 0:1 and 2:0, respectively. Approximately
l
a ¼ � 0:04 and � 0:45 are the optimal position for effect of crack closure for
h
a ¼ 0:1 and 2:0, respectively.

Figure 9 shows the closure stress intensity factor as a function with respect to
fiber position l

a for different fiber length
h
a at temperature 40�C. Near the crack tip,

it is shown that, the more short distance of the two knots is, the more obvious the
effect of crack closure is. In other words, the nearer the knot locates the crack tip,
the more obvious effect of crack closure is.

5 Conclusions

Based on the Tanaka one-dimensional constitutive law on SMA, an approximate
model on stress intensity factor of mode-I crack closure by prestrained knotted
SMA fiber in martensite is proposed. Relation of the stress intensity factor of
mode-I crack closure with temperature is given in Eqs. 8 and 9. Numerical results
show that the stress intensity factor of mode-I crack closure increases as the
prestrained knotted SMA fiber in martensite is heated. Optimal position of the
knotted SMA fiber for crack closure is behind the crack tip. As an actuator in
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matrix, prestrained knotted SMA fiber in martensite can be used to control mode-I
crack opening.
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Appendix A

From derivative of Eq. 7 with respect to temperature, T , we have

drf
dT

¼ 1

bA

dn
ndT

þ aA

� 	
: ðA1Þ

Substituting Eqs. 7 and (A1) into 8, we have

1

n
� bAX

� 	
dn ¼ bAH� aAð ÞdT : ðA2Þ

Indefinite integral of Eq. A2 is

T ¼ ln n� bAXn
bAH� aA

þ c: ðA3Þ

where c is a constant. Substituting rf
��
T¼As

¼ 0 into Eqs. 7 and A3, we have

c ¼ bAX
bAH� aA

þ As: ðA4Þ

Substituting Eq. A4 into A3, we have the first equation in Eq. 9. The second
equation in Eq. 9 can be got easily from Eq. 7.

Appendix B

Complex stress functions U fð Þ and v fð Þ of an elliptic hole in plane strain under a
point load P at Z0 in Fig. 2. are given in Eqs. 4 and 5 in article of [23], respec-
tively. As perpendicular axis of the elliptic hole tends to zero, we have derivatives
of U fð Þ and v fð Þ with respect to f

dU fð Þ
df

¼ iPa2

8p
3� m0ð Þ 1

f� 1
f0

� 1

f

 !
þ 1þ m0ð Þ 1

f� f0
þ

f0 þ 1
f0


 �
� f0 þ 1

f0


 �
f
2
0 � 1


 �
f� 1

f0


 �2
2
64

3
75

8><
>:

9>=
>;

ðB1Þ
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and

dv fð Þ
df

¼ iPa2

8p
3� m0

f� f0
þ 1þ m0ð Þ 1

f� 1
f0

� 1

f
þ

f0 þ 1
f0


 �
� f0 þ 1

f0


 �
f� f0ð Þ2 1� 1

f20


 �
2
4

3
5

8<
:

9=
;; ðB2Þ

where i is imaginary unit; f and f0 are given by Z ¼ a
2 fþ 1

f


 �
and

Z0 ¼ a
2 f0 þ 1

f0


 �
, respectively; 2a is the crack length; m0 ¼ m

1�m where m denotes

Poisson ratio of matrix; and f0 denotes conjugate of f0. Perpendicular normal
stress ry at Z in matrix under point load P at Z0 in Fig. 2 is

ry ¼ 2f2

a f2 � 1
� �Re dU

df
þ dv

df

� 	
; ðB3Þ

where ReðÞ denotes real component of ðÞ.
The closure stress intensity factor under point load P at Z0 in Fig. 2 is

KIþ ¼ lim
x! 0

ffiffiffiffiffiffiffiffi
2px

p
ry
��
y¼0

: ðB4Þ

Substituting Eqs. B1, B2 and B3 into B4, we have expression of closure stress
intensity factor KIþ. Similarly, we have expression of closure stress intensity factor
KI� under point load �P at Z0 in Fig. 2. Expression of the closure stress intensity
factor KI under point load P at Z0 and �P at Z0 together in Fig. 2 can be obtained
by

KI ¼ KIþ þ KI� ðB5Þ
Substituting Eq. 2 into Eq. B5, we have expression of KI in Eq. 10.
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Micromechanical Analysis of Mode I
Crack Growth in Carbon Fibre
Reinforced Polymers

Daniel Trias and Pere Maimí

Abstract Computational micromechanics models offer the possibility of analysis
and quantification of the failure mechanisms that take place at the micro-scale
level and are the responsible of the damage in the composite with high accuracy
and with the need for very few hypotheses. Although these kind of analyses are
common in current scientific literature, the analysis performed are generally
limited to the stress/strain fields. This work makes use of a micromechanical
model to analyze the crack tip and the cohesive zone of an interlaminar crack
loaded in mode I for a carbon fiber reinforced polymer (CFRP). A periodic square
fibre distribution is assumed and modelled in a FE environment and a degradation
law is used to simulate damage in the matrix. This simulation allows both stress
and strain quantification during crack opening and fracture mechanics analysis,
such as the estimation of the critical value of the energy release rate and the
quantification of the length of the cohesive zone, which is a parameter required for
the application of cohesive elements.

1 Introduction

Delamination or interlaminar crack propagation is one of the most feared damage
mechanisms in composite laminates since it reduces the stiffness and compressive
strength of the material and it is difficult to detect.
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The numerical simulation of delamination is generally conducted by using
specific techniques such as the Virtual Crack Closure Technique (VCCT) [21, 22]
or cohesive zone models [1, 7, 8, 26] but also mesomodels have been used
sueccesfully to this end [23]. All these approaches deal with the homogenized
composite and most of them define in advance the existence of a surface where
interlaminar cracks are to grow. Moreover, the mesh dependence of the employed
method must be analyzed prior to any structural simulation. While the mesh
dependence of the VCCT comes from the self-similarity of the crack growth, any
damage model used to simulate crack growth must ensure that the failure process
zone is meshed with enough elements. Only a few works in the scientific literature
tackled the simulation of delamination from the micromechanics’ scope [9, 10]
during the late 1980s. However, computational resources have changed enor-
mously since then and a computational micromechanical model is able today to
give much useful information.

Although the high stiffness and strength of laminated composites is due to the
fibers, some potential dangerous damage forms as compressive fiber kinking,
matrix cracking and delamination are promoted by the matrix properties. For this
reason, a micromechanical model used to simulate delamination must include a
reliable constitutive model for the matrix.

Epoxy resins are widely used as matrix phase in laminated composites rein-
forced with carbon, glass or other fibers. Polymer resins offer good specific
properties to be used for aeronautical industries, the properties of epoxy offer a
better adhesive, mechanical and hygroscopic properties compared with polyesters
and vinyl-esters. The mechanical properties of epoxy are a key factor to
understand the material response and the damage mode in the ply. This relation
is not obvious due to the inhomogeneous stress field in the constituents under
mechanical and thermal loads caused by the mismatch between the stiffness of
fibers and matrix. The main result of this inhomogeneous stress field is the
decrease of epoxy ductility when fibers are embedded in. Moreover, the inclu-
sion of the fibers produces an increase of local strains respect to the homoge-
neous strain (the part of the material in serial respect to the loads) and a
magnification of the stresses due the concentration of loads beside the fibers.
Furthermore, the thermal variations in the curing process produces a residual
stress states in the material. All this phenomena explain only partially the
decrease of the matrix ductility in composite materials.

Although the wide variety of epoxy resins, it is possible to describe the main
trend of the non-linear response of epoxies due to the type of applied load.
The ductility of the epoxy resin decreases when the triaxial component of stresses
acting on it increases. Under deviational stresses, when shear stresses are domi-
nant, a large non-linear response with small hardening and permanent strains is
observed. On the other hand, under hydrostatic stresses, where the pressure is
dominant, the material fails brittle due to microcavitation. The experimental
results by Asp et al. [3, 4] suggest that cavitation is obtained at constant dilata-
tional energy, independently of the temperature. Even plastic flow is activated
under distortional stresses the hydrostatic pressure plays and important role as the
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plastic flow is delayed when compressive pressures are present. Liang et al.
experiments on pure epoxy show a linear increase of shear strength under com-
pressive hydrostatic pressure: rS ¼ 31� 0:12p [24]. These experiments suggest
that the Drucker-Prager or the Mohr-Coulomb yield surface may be good candi-
dates to predict the onset of plastic flow in pure epoxy. Interesting results were
obtained by Fiedler et al. [13] which carried on a torsional load in a cylindric
specimen, after a large amount of plastic response the failure plane is orientated in
the principal tension stress direction as typical in brittle materials and not in shear
as is typical in metals.

In spite of this general trend in the behavior of epoxies, different epoxy systems
may have a different response with the same applied load, for example the
experiments by Asp et al. [2–4] with DGEBA (diglycidyl ether of bisphenol) cured
with DETA (diethylenetriamine) or APTA (polyoxy propyleneamine) show an
inelastic regime before failure under an uniaxial tension load, specially if cured
with APTA agent. On the other hand, the TGDDM (tetraglycidyl-4; 40-diamin-
odiphenyl methane epoxy) cured by DDS agent (4; 40-diaminodiphenyl sulphone)
fails brittlely under uniaxial tension. When the specimen is loaded in biaxial
tension DGEBA–APTA system appears to be the only specimen that yields prior
to brittle failure.

Another open issue is the toughness transfer from matrix to the composite. As
shown in Table 1, form similar epoxies and fibre volume, GIc may increase by a
factor from 1.25 (T-300/5208) to 1.85 (AS-4/3501-6). Also, the effect of the fibre
type for the same matrix should be analyzed since for the same matrix, the
toughness transfer factor may change from 1.65 (T-300/HX205) to 3.44 (C-6000/
HX205).

The aim of this work is to analyze several factors such as resin toughness
and fibre Young Modulus which may affect the value of the toughness in a
unidirectional composite under mode I crack growth. Up to this, a finite ele-
ment model for the crack tip of a Double Cantilever Beam (DCB) specimen
has been created. The model includes a with a simple damage model to sim-
ulate crack growth. Next section presents the used finite element model. Then,
the details of the damage model are given. Finally the results of the simulation
are given and some conclusions on the effect of constituents properties on GIc

are drawn.

Table 1 Toughness transfer from epoxy resin to composite from selected sources

Resin Fibre Resin type Fibre
volume (%)

GIc neat
resin (N/mm)

GIc composite
(N/mm)

Source

5208 T-300 Brittle epoxy 65 0.08 0.1 [18]
3501-6 AS-4 Brittle epoxy 67 0.095 0.175 [18]
HX205 T-300 Brittle epoxy 58 0.23 0.38 [18]
HX205 C-6000 Brittle epoxy 56 0.23 0.79 [18]
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2 Finite Element Model

A micromechanics finite element model is constructed with the aim to simulate the
cohesive damage zone located next to the crack tip in a DCB specimen [5, 20],
schematized in Fig. 1.

The model assumes fibres are equally spaced forming an square array. The RVE
is surrounded by an homogeneous material with the same elastic properties and
thickness as the laminate in the specimen. However, to reduce the number of ele-
ments in this region and considering that this homogeneous material is only used to
reproduce the same strain and stress fields present in the crack tip of a DCB spec-
imen, the thickness has been reduced, changing the properties of the laminate to
ensure it delivers the same flexure behaviour. In those outer planes perpendicular to
the crack tip, periodicity conditions are employed, in the aim to simulate not only a
fraction of the laminate, but a whole laminate. The fibre is considered to be a perfect
elastic material with no failure or damage, since no fibre breakage is observed in
tests. The matrix material is modeled with a damage law described in Sect. 2.1.

To correctly simulate the crack growth in the epoxy, the model must be able to
include the whole Failure Process Zone. The size of the Failure Process Zone may
be estimated using the following expression [27]:

vFPZ ¼ a
E0IGIc

r2
u

ð1Þ

where GIc is the mode I fracture toughness, ru is the strength and E0I may be
computed from the coefficients aij of the compliance matrix:

E0I ¼
a11a22

2

�1
2

� �
a22

a11

� ��1
2

þ 2a12 þ a66

2a11

" #�1
2

ð2Þ

On the other hand, the coefficient a has been proposed to have the values of,
among others: 2

3p [17], 1
p [19], p

8 [6, 11], 9p
32 [12, 25] and 1:0 [16].

Consequently, the length of the cohesive zone might be somewhere between the
proposed smaller and larger values for the coefficient a; 2

3p ¼ 0:21 [17] and 1.0 [16].
In order to simulate the stress and strain fields in the crack tip of a DCB

specimen without increasing the number of elements in the model, the arms of the

Fig. 1 Typical DCB
specimen. d denotes
displacement control at tips.
a0: pre-crack length. XFPZ:
length of the failure process
zone
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DCB specimen are modelled using beams with the same elastic properties than the
laminate. Displacements are applied at the tip of the beams, as sketched in Fig. 2.

2.1 Matrix Damage Model

The thermodynamics of irreversible processes is a general framework that can be
used to formulate constitutive equations. It is a logical framework for incorpo-
rating observations and experimental results and a set of rules for avoiding
incompatibilities. A constitutive damage model that has its foundation in irre-
versible thermodynamics is presented here. Since a finite element model with a
large number of elements is employed, the constitutive model is simple. Based on
the results by Asp et al. [3, 4], the failure envelop is based on the dilatational
energy density. This way an explicit constitutive model, which guarantees fast
computation, is developed.

Fig. 2 Scheme of the finite element model. Displacement control is applied to the tips of two
beams, which have the same elastic properties as the laminate, to reduce the number of elements
in the model
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2.1.1 Helmholtz Free Energy, Stress and Rate of Dissipation

The Helmholtz free energy is postulated to be of the form:

W ¼ 1
2

K ð1� dÞ\eii [ 2 þ\� eii [ 2
� �

þ ð1� dÞGeijeij ð3Þ

where K and G are the bulk and shear elastic modulus, respectively. d is a scalar
damage variables. The volumetric part of the damage variable is only activated
under positive pressures to take into account the closure of cracks under com-
pressive loads. The McCauley operator is defined as \x [ ¼ ðxþ jxjÞ=2 and eij

is the deviational part of the strain tensor.
The rate of dissipation is defined as the difference between the mechanical power

introduced rij _eij and the variation of the Helmholtz free energy: N ¼ rij _eij � _W� 0.
Following the Coleman [28] arguments the constitutive response is defined as:

rij ¼
oW
oeij
¼ Kðð1� dÞ\ekk [ �\� ekk [ Þdij þ 2ð1� dÞGeij ð4Þ

and the rate of dissipation: N ¼ Y _d� 0, where the thermodynamical force con-
jugated to the damage variable is defined as:

Y ¼ �oW
od
¼ 1

2
K\eii [ 2 þ Geijeij ð5Þ

the positive dissipation is ensured if the damage variable is an increasing function.
The failure surface is considered as the maximum dilatational energy, according

to the works by Asp [2–4]:

FD ¼
ffiffiffiffiffiffiffiffi
K

2YK

r
\ekk [ � 1� rD� 0 ð6Þ

where YK is a material property (the critical dilatational energy density) which, if
under an uniaxial test the material fails brittly, it can be related with the uniaxial
strength as: YK ¼ r2

u=ð18KÞ: Experimental results by Asp et al. suggest that epoxy
fails brittly under a constant hydrostatic density of energy. This value is almost
constant at any temperature [3]. rD is the internal variable of the model that
evolves following the Khun–Tucker conditions, applying the consistence condition
it can be integrated explicitly as:

rD ¼ max
s¼0;t

ffiffiffiffiffiffiffiffi
K

2YK

r
\es

kk [ � 1

� �
ð7Þ

The damage variable is a monotonous increasing function of rD that takes
dðrD ¼ 0Þ ¼ 0:

d ¼ min 1;
EGC

EGC � 9KYK‘

rD

1þ rD

� �
ð8Þ
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This expression results in a lineal softening law with a density on energy
dissipated as: GC=‘ under uniaxial stress. Where GC is the fracture toughness and ‘
is the characteristic length of the finite element. To avoid snap-back in the con-
stitutive response the element must be smaller than: ‘�EGC=ð9KYKÞ.

The material is completely damaged when eF
ii ¼

ffiffiffiffiffiffi
2YK
K

q
EGC

9KYK‘
; or rF

D ¼ EGC�9KYK‘
9KYK‘

.

The fracture toughness depends on the deviatonal load applied in the material.

GUD=UV

C ¼ 1þ UD

UV

� �
EGC

9K
¼ 1þ UD

UV

� �
1� 2m

3
GC ð9Þ

The critical fracture energy under biaxial, triaxial stress and plane strain are GBS
C ¼

ð1� mÞ=2GC;GTR
C ¼ ð1� 2mÞ=3GC;GPS

C ¼ ð1� mÞ=ð1þ mÞGC, respectively.
The tangent operator is required to obtain a good convergence: _rij ¼ CT

ijkl _ekl.
When damage evolves the tangent operator is defined as:

CT
ijkl ¼ ð1� dÞCijkl �

EGC

EGC � 9KYK‘

ffiffiffiffiffiffiffiffi
2YK

K

r
ðessÞ�2CijmnemnIkl ð10Þ

3 Results and Discussion

Model has been run for the different cases summarized in Table 2. As shown in
Fig. 3, in all of the analyzed cases crack grows in the matrix/fibre interface, as
observed experimentally [15].

Fig. 3 Plot of the damage variable
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3.1 Computation of Gc

Since force displacement pairs together with the crack length are available from
the finite element model, GIc may be computed as if an experimental test was
carried out, that is, by applying the procedure described in the ASTM procedure
[5]. On the other hand, a theoretical expression for the force-displacement curve
may be plotted using the expression [5]:

d ¼ 8a2

bh3E11

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
GIcb2h3E11

12

r
ð11Þ

Force versus displacement curves are obtained for different values of
Gc

I and YK . These curves are compared with the LEFM curve for the DCB test.
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Modeling of Spalling Effect
on Toughening in Fiber
Reinforced Composites

C. Wang, N. F. Piaceski and K. M. Soares

Abstract According to statics and geometry of a random fiber crossing the cracked
matrix surfaces, this work derived, at first, linear distribution of pressure provoked
by the inclined fiber in the matrix and related the pressure to fiber axial force,
bending moment and shear. To determine this pressure, self-consistent deformation
model was proposed. With presuppose of constant interface fiber/matrix stress, the
fiber and matrix displacements near the intersection of the fiber and the crack sur-
faces were calculated by means of integrating the Kelvin’s fundamental solution of
and the Mindlin’s complementary solution, over a crack open of 0.001 mm. Then
the stresses at points underneath of the inclined fiber were obtained using the same
approach. The maxima normal stress in the fiber was calculated and compared with
the fiber strength. Using failure criterion of five parameters for brittle materials, the
spalling extent was determined. In the simulation, mechanical parameters of steel
fiber and concrete were utilized and the percentages of active fibers were obtained
with varying fiber strength and interface resistance. The results show that the per-
centage of active fibers increases with the fiber strength enhancement but decreases
with the interface resistance increment. It draws a conclusion that the higher
fiber strength and the lower interface resistance, more benefit to the debonding
process. This work demonstrates that spalling effect is of great importance for
fiber toughening in brittle matrix and the presented model allows for optimiza-
tion of the parameters involved in toughening analysis.
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1 Introduction

Brittleness of ceramics can be improved through adding ductile and strong fiber in
the matrix. As too many parameters are involved in toughening, computational
modeling is an economic and efficient approach to obtain the parameters optimi-
zation. For this objective, many computational models have been suggested [1–4].
However those models focused attention on the processes such as debonding
interface between fiber and matrix, fiber put-out and snubbing effect. Few works of
spalling analysis were reported [5]. To investigate the importance of matrix
spalling, this work began from supposing the linear distribution of pressure pro-
voked by a random inclined fiber in the matrix and then related the pressure to
fiber axial force, bending moment and shear. The pressure was determine in terms
of self-consistent fiber and matrix deformation and integration technique, which
was based on the Kelvin’s fundamental solution of and Mindlin’s complementary
solution. In the simulation section, the maxima normal stress in the fiber was
calculated and compared with the fiber strength. Using failure criterion of five
parameters for brittle materials, the spalling extent was determined. The per-
centages of active fibers (case for the fiber was not broken nor the spalling extent
overpass the embedded length of the fiber) were computed with the variations of
the fiber strength and the interface resistance.

2 Mathematical and Mechanical Modeling of Toughening
by Fibers

2.1 Geometry of a Fiber Inclined to Crack Surfaces

Figure 1 illustrates the layout of a random fiber inclined to crack surfaces. The
fiber is inclined to the crack surfaces at the angle h with the surface normal.
The embedded length of the short part of the fiber is noted as Le while the full
length as Lf and df the fiber diameter. We suppose that the initial debonded
interface length is 2lo: The reason for this hypotheses is that the interface would be
debonded in this part at very beginning when the two crack surfaces tend to move
oppositely.

From geometry we have

Le ¼
Lf

2
� z

cos h
� lo ð1Þ
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where z is the distance from the fiber to the surface. By l0 ¼ r tan h and Le [ 0 and
z [ 0, we can get

0\z\ðLf cos h� df sin hÞ=2 and h\ arctanðLf =df Þ ð2Þ

2.2 Bridging Stress Provided by the Fibers Crossing
the Crack Surfaces

There are a lot of fibers that cross the crack surfaces randomly. Each fiber con-
tributes itself to link the two opening surfaces of the crack and intends to keep
them from separating. The medium effect of the fibers is bridging stress. Just due
to this bridging stress, the toughening is achieved. The bridging stress can be
determined by the following equation [1]:

Fig. 1 Layout of a random fiber inclined to crack surfaces
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rcðwÞ ¼
Vf

Af

ZarctanðLf =df Þ

0

ZðLf cosðhÞ�df sinðhÞÞ=2

0

Nðw; h; zÞPðhÞpðzÞdzdh ð3Þ

where Vf—volume fraction of fibers; Af—section area of a fiber N w; h; zð Þ—the
fiber axial force; w—the opening of the surfaces; P(h) and p(z)—the distribution
functions of fiber inclined angles and fiber centers respectively, given by PðhÞ ¼
sinðhÞ for 0� h� arctanðLf =df Þ and p zð Þ ¼ 2=Lf for 0� z� Lf cos hð Þ�

�
df sin hð ÞÞ=2:

By Eq. 3 we see that to obtain the bridging stress the key is to find the axial
force of the inclined fiber N w; h; zð Þ in relation to the crack open w and the
embedded length Le or the distance of the fiber center to the surface z. This is the
major difficulty in toughening simulation, because fiber toughening involves two
distinct processes: interface debonding and fiber pull-out. For the former, there
occurs spalling effect and, for the later snubbing effect will come into action.

2.3 Increment of Fracture Energy Gc Contributed
with Fibers

After obtaining the bridging stress the increment of fracture energy Gc (J/m2) i.e.
toughening can be calculated as the area under the curve rc � w; using the fol-
lowing integral:

Gc ¼
Zw�

0

rc wð Þ dw ð4Þ

where w� is the ultimate crack open for which all fiber axial forces become zero,
that is, all the fibers are pulled apart or out the matrix.

2.4 Spalling in Matrix

When a closed crack is opening, the fiber imposes pressure on the matrix. Before
debonding occurs, this pressure goes up to the maximum. It is possible that the
stresses underneath the inclined fiber near the point where the fiber exists from the
matrix provoked by the pressure is higher than the matrix strength, then matrix
spalling comes out (Fig. 2). If the extent of spalling overpasses the embedded
length of a fiber, this fiber will lose its contribution to toughening; otherwise the
relieved stresses rid the fiber of possibility to be broken, in other word, the fiber is
saved and can make contribution to toughening.
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2.5 Analysis of Displacement and Deformation of an Inclined
Fiber with the Crack Opening

From Eq. 3 we see that to obtain the bridging stress, the key is to find the axial
force of the inclined fiber N w; h; zð Þ in relation to the crack open w and the
embedded length Le or the distance of the fiber center to the surface z. This is the
major difficulty in toughening simulation, because fiber toughening involves two
distinct processes: interface debonding and fiber pull-out.

When the crack surfaces open, the inclined fiber will suffer deformation
(Fig. 3). The bridging force Fbr of the fiber is the resultant of the axial force, N and
the shear, P and perpendicular to the crack surfaces. The axial force, N and the
shear, P lead to the displacements u1 and u2 of the section center of the embedded
part of the fiber at the point where the fiber exits the matrix and the deformation of
the unembedded part (the debonded part 2lo, Fig. 4). It is easy to know:

Fbr ¼ N cos hþ P sin h ¼ N= cos h ð5Þ

The stretched length Dl of the embedded fiber has a component in the direction
normal to the crack surfaces i.e. in the direction u1 (Fig. 4). Therefore we can write
the half open of the crack as

w ¼ Dl cos hþ u1 ð6Þ

where the stretch Dl ¼ Nl0=Af Ef :

Fig. 2 Spalling effect
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2.6 Pressure Imposed by Fiber on Matrix

The action of the fiber interior forces N, P and M will produce a pressure onto the
matrix (Fig. 5). This pressure is unknown completely. For the possibility to resolve
the problem we suppose a linear distribution for the pressure as

Fig. 3 Fiber deformation and interior forces after the crack opened to 2w. N—axial force,
P—shear and M—moment are on the fiber section at the point where the fiber exits the matrix

Fig. 4 The displacements,
u1and u2 and the deformation,
Dl of the debonded part of the
fiber attributed to the axial
force, N and the shear, P;
Dh is the vertical distance
between the points A and O
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q ¼ alþ b ð7Þ

where a and b are unknown constants.
By static equilibrium

P ¼
Zle

0

qdl ¼
Zle

0

ðalþ bÞdl and �M ¼
Zle

0

lqdl ¼
Zle

0

ðalþ bÞldl ð8Þ

we can express a and b as functions of P and M

a ¼ �6
2M

le
þ P

� �
=l2

e ; b ¼ 6
2Ple

3
þM

� �
=l2e ð9Þ

The interface shear stress is determined as qa ¼ N=df ple:
As the debonded part of the fiber (2l0 in Fig. 4) is anti-symmetrical about the

origin O, the moment on the diagonal section coincident with the closed crack
should be null. Hence we get the relationship

Fbr � Dh ¼ M ð10Þ

where M is the moment on the transversal section, A of the left part of the fiber.
From geometry and the stretch, Dl ¼ Nl0=Af Ef ; we get

Dh ¼ Dl: sin hþ ue
2 þ r: sin h:tgh ¼ N:lo

Ef Af

� �
sin hþ ue

2 þ r:tgh sin h ð11Þ

Fig. 5 Fiber pressure onto the matrix
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By Eqs. 10 and 11 we obtain

M ¼ Fbr
N:lo: sin h

Ef Af
þ ue

2 þ r:tgh sin h

� �

¼Fbr
N

Ef Af
þ 1

� �
r:tgh sin hþ ue

2

� � ð12Þ

For full crack open, one can write

2w ¼ ue
1 þ ud

1 þ
2N:lo
Ef Af

� �
: cos h ¼ ue

1 þ ud
1 þ

N:df

Ef Af

� �
: sin h ð13Þ

In such a way we relate the crack open with the axial force, N. At first
appearance the crack open is only linked to the axial force, N but one should not
forget that ue

1 and ud
1 are still functions of N, P, and M. In fact, Eq. 13 is self-

consistent. For a given w, the correct N should satisfy Eq. 13. Since the force, N is
tensile, then ue

1 and ud
1 should be negative. The displacements, ue

1 and ud
1 play a role

in diminishing the crack open. From other side the component of the stretched
part, Ndf =Ef Af sin h tries to open the crack more. There is competition between the
two sides. It would occur that the crack open is null in spite of increasing
N. Usually the sum of the displacements, ue

1 and ud
1 is very small compared to the

stretch component ðNdf =Ef Af Þ sin h; so we can ignore the sum and simplify the
calculation as

2w � ðNdf=Ef Af Þ sin h ð14Þ
Then

N � 2wEf Af =df sin h ð15Þ

After N is determined, the other parameters can be resulted without difficulty.
The parameters a and b become

a ¼ �6Fbr½sin hþ 2ðFbr: cos h:lo: sin h=Ef Af

þ ue
2 þ r:tgh: sin hÞ=le�=le2 ð16Þ

b ¼ 6Fbr½2 sin h:le=3þ Fbr cos h:lo: sin h=Ef Af

þ ue
2 þ r:tgh: sin h�=le2 ð17Þ

2.7 Decomposition of Circumferential Pressure and Friction
on the Fiber Surface

The pressure, q varies linearly with the length of the embedded fiber and has the
unit (N/m). As the fiber section is circular, the linear pressure, q must be resultant
of circumferential pressure, p having the unit (N/m2). The pressure, p must not be
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uniformly distributed around the fiber surface. The circumferential pressure, p can
be assumed reasonably as

p ¼ po cos / ð18Þ

where p0 is the maxima pressure that just occurs at the bottom surface (Fig. 6).
It can be seen that the pressure will be zero when the angle / hits –908 and 908.

It is easy to obtain

po ¼
4ðalþ bÞ

df p
ð19Þ

Then

p ¼ 4ðalþ bÞ cos /
df p

ð20Þ

The elementary force, dF caused by the pressure on the elementary area of the
fiber surface can be decomposed as dF3 and dF0, which is in turn decomposed into
dF1 and dF2 according to the coordinates x1 and x2 (Fig. 7). Then we get the
elementary forces:

dF1 ¼ �dF0 sin h ¼ �4ðalþ bÞ cos2 u sin h � dl � rf � du ð21Þ

dF2 ¼ dF0 cos h ¼ 4ðalþ bÞ cos2 u cos h � dl � rf � du ð22Þ

dF3 ¼ �dF sin u ¼ �2ðalþ bÞ sin 2u � dl � rf � du ð23Þ

The elementary forces caused by the friction can be written as

dFa ¼ qa � dl � ds ¼ qa � rf � dldu ð24Þ

Fig. 6 The pressure, p distributed circumferentially
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dF4 ¼ �dFa cos h ¼ �qa � rf � cos h � dldu ð25Þ

dF5 ¼ �dFa sin h ¼ �qa � rf � sin h � dldu ð26Þ

2.8 Kelvin’s Fundamental Solution and Mindlin’s
Complementary Solution

The Kelvin’s fundamental solution [6, 7] plays an important role in solid
mechanics. Kelvin derived the analytic expressions of the displacements and
stresses provoked by unit point loads in an infinite elastic medium. To keep the
validation of the Kelvin’s solution in a semi-infinite solid, Mindlin gave the
additional solution, called the Mindlin’s complementary solution [8]. So the dis-
placement and stress solutions attributed to the action of unit point loads can be
written respectively as

uij ¼ uðKÞij ðn; xÞ þ uðCÞij ðn; xÞ ð27Þ

rkji ¼ rðKÞkji ðn; xÞ þ rðCÞkji ðn; xÞ ð28Þ

uðKÞij ðn; xÞ ¼
1

16pð1� mÞG ð3� 4mÞdij þ r;i:r;j

� �
; i; j; k ¼ 1; 2; 3 ð29Þ

rðKÞjki ðn; xÞ ¼ �
1

4apð1� mÞra
ð1� 2mÞðr;kdij

	
þ r;jdki � r;idjkÞ � br;i:r;j:r;kg ð30Þ

where a ¼ 2; 1and b ¼ 3; 2 for three- and two-dimensional plane strain respec-
tively; v—Poisson ratio; G—shear elasticity modulus; r—the distance from the

Fig. 7 Decompositions of
the elementary force and
friction on the fiber surface
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source point, n to the field point, x; the Kelvin’s solution, uðKÞij ðn; xÞ represents the
displacement in the j-direction at a field point, x corresponding to a unit force

acting in the i-direction applied at a source point, n; rðKÞjki ðn; xÞ are the stress tensor.
Figure 8 depicts the geometric configuration for the case of a half space.

2.9 Determination of Stresses in the Matrix

To calculate stresses in the matrix, we adapt the coordinate system ðx1; x2; x3Þ
with the origin O (Fig. 9). Then for a source point, n ¼ ðrf ;/; x01Þ; the coor-
dinates are

x1ðnÞ ¼ rf sin hþ x01 cos h� x02 sin h ð31Þ

x2ðnÞ ¼ �rf cos hþ x01 sin hþ x02 cos h ð32Þ

x3ðnÞ ¼ �rf sin u ð33Þ

For any field point, x in the matrix where the stresses will be computed, we
have

ri ¼ xiðxÞ � xiðnÞ ð34Þ

r1 ¼ x1 þ rf sin h cos /� l cos h� rf sin h ð35Þ

r2 ¼ x2 � rf cos h cos /� l sin hþ rf cos h ð36Þ

r3 ¼ x3 þ rf sin / ð37Þ

r ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
r2

1 þ r2
2 þ r2

3

q
ð38Þ

Fig. 8 Unit point forces
applied in a half space (after
Brebbia et al. [7])
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r;1 ¼
or

ox1
¼ r1

r
ð39Þ

r;2 ¼
or

ox2
¼ r2

r
ð40Þ

r;3 ¼
or

ox3
¼ r3

r
ð41Þ

For the image n0 of the source point x the coordinates are

Ri ¼ xiðxÞ � xiðn0Þ ð42Þ

R1 ¼ x1 � rf sin h cos /þ l cos hþ rf sin h ð43Þ

Then the parameters involved in the Kelvin’s fundamental solution and the
Mindlin’s complementary solution are given as

c ¼ x1ðnÞ ¼ �rf sin h cos /þ l cos hþ rf sin h� 0 ð44Þ

�x ¼ x1ðxÞ� 0 ð45Þ

In a half space the stresses in the matrix can be obtained using the integration
over all of surface loads:

rjk ¼
ZZ

Fs

drjk ¼
ZZ

Fs

ðrK
jki þ rC

jkiÞdFi; i ¼ 1; 2; 3 ð46Þ

where rK
jki and rC

jki are the Kelvin’s fundamental solution and the Mindlin’s
complementary solution.

Fig. 9 Coordinate systems
used
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3 Simulation and Result Analysis

The parameters utilized in this work come from the experiment of cement rein-
forced by steel fibers [5]. Fantili and Vallini also used them for their research work
[9]. These parameters are: Lf ¼ 10 mm (fiber length), df ¼ 0; 5 mm (fiber diam-
eter), Ef ¼ 200 GPa (fiber elasticity modulus), mf ¼ 0:3 (fiber coefficient of
Poisson), Em ¼ 30 GPa (matrix elasticity modulus), mm ¼ 0:2 (matrix coefficient of
Poisson), ft ¼ 3:7 MPa (matrix tensile strength), fc ¼ 36:5 MPa (matrix compres-
sive strength) and rf (fiber tensile strength) and si (interface shear strength) vary.

The pressure attributed by an inclined fiber and imposed onto the matrix would
result matrix spalling. To identify if the matrix is damaged, we have used the
criterion of five parameters for brittle material. The Ref. [10] details this criterion.

The verification of spalling was taken only at some points in the compressive
region that is supporting the fiber. We set them as nodes of a polar coordinate net
(Fig. 10). The arc radii of the net expand forth with the values: df, 3df, 7df, 15df
till to 1.5 times the embedded length le: The support angle (908–h) was divided
into small ones of 108 approximately. To trace the evolution of spalling (damage),
we applied the axial load N at several small steps till the fiber was broken i.e. the
fiber tensile strength was reached, then, recorded the regions damaged
respectively.

Figure 11 illustrates the spalling evolutions for different inclined angles but
with much same fiber embedded length. The value in the legend indicates how
much was the bridging force meanwhile the fiber was broken. The damage always
is initiated at the point where the fiber exits the matrix. For the fiber of small
inclined angle (Fig. 11a), the spalling region is small at beginning but expands
rapidly. The fiber does not break until high bridging force is reached (about 40% of
fiber strength in force Ff ¼ rf Af ). However for the fiber of large inclined angle
(Fig. 11b), the initial damage extent already is quite large. Only by a very low
bridging force (only about 5% of the fiber strength in force Ff), the fiber has been

Fig. 10 The polar
coordinates net of the region
supporting the fiber. At the
nodes matrix damage were
checked
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Fig. 11 Evolution of spalling. a h = 0.578; b h = 56.388
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broken. From Eq. 12 it would be known that high inclination leads to large
bending moment. As a consequence, the bending stress is large although the
bridging force is still low.

In the last section, the analysis focuses attention on the evolution of damaged
region but not on the fibers. In this section we will discuss the influence of the fiber
strength, rf and the interface strength, si on the percentage of alive fibers.

Spalling usually occurs before the initiation of interface debonding because the
fiber can provide the maximum axial force. For this reason we set the crack open,
w* up to 0.001 mm for all simulations and divide it into 20 small increments. We
also split the inclined angle, h into small parts denoted by the number, nt and the
embedded length by nz. In this way the number of fibers is nt 	 nz. We set nt = 20
and nz = 10 in this work. That is said 200 fibers are involved. To identify if the
matrix is damaged, we employ the criterion of five parameters for brittle material
[10]. The fortune of a fiber went into four categories: broken—the stress in the
fiber hit the fiber strength,rf ; debonded—the maximum shear stress on the surface
of the embedded fiber was equal to or larger than the interface strength, si;
damaging matrix—the extent of damage of the matrix overpassed the embedded
length of the fiber and perfect—not included in the former three categories. The
active fibers were those that have not been broken. The following table lists the
computational results.

Table 1 reveals the importance of spalling because there are about 20% fibers
that did damage to the matrix. If these fibers did not produce the damage, they
would bear more load continuously and make more contribution to toughening.
The majority of reported modeling works in computational toughening was on
such a hypothesis. They obtained larger toughening than the one from experiment
[11]. The importance of spalling also was confirmed by Pavan [12].

From Fig. 12 it is obvious that for given fiber strength, rf ; the high interface
strength, si resulted in more fibers broken; and for given interface strength, high

Table 1 Percent of fibers fortune under the conditions: Lf ¼ 10 mm; df ¼ 0:5 mm; Ef ¼
200 GPa; mf ¼ 0:3; Em ¼ 30 GPa; mm ¼ 0:2; ft ¼ 3:7 MPa; fc ¼ 36:5 MPa and Vf ¼ 5% (volume
fraction of fibers in the matrix)

rf /si Broken
(%)

Deboned
(%)

Damaging
matrix (%)

Perfect
(%)

Active
(%)

Gcð10�3J=m2Þ

469/1 14 58 20 8 86 2.7
469/3 24 45 28 11 76 6.0
469/5 32 36 21 11 68 6.0
635/1 11 61 17 11 89 3.0
635/3 22 46 19 13 78 6.6
635/5 28 40 19 13 72 6.6
954/1 9 64 17 10 91 2.9
954/3 17 52 17 14 83 6.5
954/5 23 46 17 14 77 7.2

Gc toughening listed only for comparison
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fiber strength rid more fibers of being broken. Therefore, we draw a conclusion
that high fiber strength and low interface strength benefit toughening.

4 Conclusion

We come to the conclusion that (1) spalling effect is far important for fiber
toughening. Ignoring this effect would lead to an exaggerative toughening; (2)
high fiber strength and low interface strength benefit toughening.
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Evolution Characteristics of Delamination
Damage in CFRP Composites Under
Transverse Loading

S. S. R. Koloor, A. Abdul-Latif, X. J. Gong and M. N. Tamin

Abstract The initiation and subsequent progression of delamination in CFRP
composite laminates is examined using finite element method. A 12-ply CFRP
composite, with a total thickness of 2.4 mm and anti-symmetric ply sequence is
simulated under three-point bend test setup. Each unidirectional composite lamina
is treated as an equivalent elastic and orthotropic panel. Interface behavior is
defined using cohesive damage model. Complementary three-point bend test on
the specimen is performed at crosshead speed of 2 mm/min. The measured load–
deflection response at mid-span location compares well with predicted values.
Interface delamination accounts for up to 46.7% reduction in flexural stiffness
from the undamaged state. Delamination initiated at the center mid-span region for
interfaces in the compressive laminates while edge delamination started in inter-
faces with tensile flexural stress in the laminates. Anti-symmetric distribution of
the delaminated region is derived from the corresponding anti-symmetric ply
sequence in the CFRP composite. The dissipation energy for edge delamination is
greater than that for internal center delamination.
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1 Introduction

Carbon fiber-reinforced polymer (CFRP) matrix composites are commonly
employed in advanced structural applications including the skin of aircraft wings,
stringers, rotor blades and molded beams. The increasing use of CFRP composites
is derived from its high strength-to-weight ratio, high specific modulus and
improved corrosion resistance compared to their metallic counterparts. The flex-
ible design of laminated composites through sequencing of the pre-impregnated
laminates enables tailoring of the composite structures to specific design and
functions. Typical loading in these structures often involves lateral bending of the
composite laminates, both transient and fatigue. Several damage and fracture
scenarios of the composite panels under complex applied loading conditions
should then be considered for optimum design of the structure. Thus, reliability of
a CFRP composite structure under such load conditions depends on the continual
process of damage initiation and subsequent damage propagation to catastrophic
fracture.

Several modes of failure observed in CFRP composites include matrix cracking,
fiber/matrix interface debonding, fiber fracture, fiber pull-out and interface
delamination. The latter is of particular interest in view of the relatively weak ply-
to-ply interface strength and the large interface shear stresses developed during
loading. Interface delamination failure leads to significant loss of the load-carrying
capacity and occurs in the absence of any visible damage of the CFRP composite.
In practice, internal defects including microcracks, voids and interface delami-
nation are detected employing non-destructive evaluation techniques such as
ultrasonic testing and thermography. The progression of each of these initial
processing damages under operating loads to failure can then be monitored and
quantified. The critical delamination failure process could be accounted for in the
design phase with the aid of numerical modeling and validation testing of CFRP
composite specimens.

The mechanics of bi-material interfaces particularly in laminated composite
materials and structures has been well studied (e.g. [6, 10]). An interface deco-
hesion model was formulated using damage mechanics concept and used to
examine the composite failure process by simulating delamination initiation and
subsequent progression in fiber-reinforced composite [4]. In this cohesive zone
model, the state of interface damage is described in terms of stress-to-strength
ratios of normal and shear traction components in a quadratic failure criterion
along with a mixed-mode displacement formulation for crack initiation event.
Subsequent crack propagation is predicted based on fracture energy considerations
[2, 7]. Limited work is available on the extension of the cohesive zone model to
account for cyclic-induced damage of the interfaces in CFRP composites during
fatigue loading.

In this study, the mechanics of interface delamination in CFRP composite is
examined. Both cases with perfect non-damaging ply interfaces and damaging
interfaces by delamination of CFRP composites under flexural loading are
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simulated. Interface delamination behavior is described using cohesive zone
model. Validation of the model is judged through comparisons of predicted results
and measured values of load–displacement response of the composite specimen.

2 Cohesive Zone Model

Key equations describing the cohesive zone model for interface delamination are
reviewed here. Details of the cohesive element formulation are found elsewhere
[4, 5]. A typical traction-relative displacement curve of a bi-material interface is
illustrated in Fig. 1. As a first approximation, a bilinear traction-relative dis-
placement softening law is employed to relate the traction, s to the relative dis-
placement, d at the interface. In this model, the cohesive zone can still transfer the
load after the onset of damage, do. In pure debonding mode I (tensile opening),
mode II (shear) or mode III (out-of-plane tearing) the onset of damage occurs
when the normal or shear tractions attained their respective interface tensile or
shear strength, respectively. The interface stiffness is then gradually reduced to
zero when complete fracture occurs at df. For small cohesive zone, the critical
energy release rate, GC for the respective fracture mode can be estimated by the
area under the s-d curve which also represents the work of fracture as:

GC ¼
Z df

0
s dð Þ dd ð1Þ

Materials damage in the bi-material interface plane is quantified using a quadratic
function of the orthogonal traction components. The debonding or delamination
criterion for a material point under a mixed-mode loading is then prescribed as:

T
ra

ct
io

n,
 

Relative disp.,

0 f

Fig. 1 Traction-
displacement curve for
idealized bilinear softening
law
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ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
r22h i
T

� �2

þ s21

S

� �2
þ s23

S

� �2

s
¼ 1 ð2Þ

where r22h i is the normal traction to the interface plane defined as r22 for non-zero
value and zero otherwise, s21 and s23 are the transverse tractions. Orientations of
the orthogonal axes (x, y, z) are as illustrated in Fig. 3 and corresponds to the
subscripts (11, 22, 33), respectively. The terms T and S are the nominal tensile and
shear strength of the interface, respectively. The mixed-mode damage initiation
displacement, dm

o defines the relative displacement corresponding to the onset of
crack initiation, taking into account the three Cartesian displacement components,
d1

o and d3
o in the interface shear plane while do

2 normal to the plane, as follows:

do
m ¼ do

1 do
2

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
1þ b2

do
1

� �2þ bdo
2

� �2

vuut
ð3Þ

The term b ¼ dshear

d2
; d2 [ 0 represents mode mixity for non-zero relative

opening displacement. In this equation, the same delamination mechanisms in
mode II and mode III are assumed. Thus, dshear represents the total tangential
displacement for the two orthogonal relative displacement components d1and d3.

Once interface delamination has initiated, subsequent interface crack propagation
under mixed-mode loading conditions is predicted in terms of total energy release
rates, GT = GI ? GII and single-mode fracture toughness, GIC and GIIC as [1]:

GT ¼ GIC þ GIIC � GICð Þ GII

GT

� �g

ð4Þ

The parameter, g describes the interaction of fracture modes. The numerical value of
g can be obtained by best-fitting of experimental data for combinations of crack
loading modes. Typical value for laminated composite samples is available [8].

3 Materials and Experimental Procedures

A CFRP composite laminate was laid up using high modulus carbon fibers and
epoxy resin (M40J fibers and NCHM 6376 resin, Structil France). The composite
was fabricated with anti-symmetric ply sequence of [45/-45/45/0/-45/0/0/45/0/-45/
45/-45] with the 0o-direction along the length of the specimen. The 12-ply CFRP
composite laminate with a total thickness of 2.4 mm is machined into specimens
measuring 140 mm 9 20 mm. The longitudinal cross section of the composite
laminate is shown in Fig. 2 with each lamina having a thickness of 0.2 mm.
Lamina with 0o fiber orientation are easily distinguishable as shown in the figure.
Transient three-point-bend test is performed on the specimen with 112 mm-span

48 S. S. R. Koloor et al.



and at machine crosshead speed of 2 mm/min. The test is conducted to a pre-
scribed mid-span deflection of 18 mm. Load–deflection response of the specimen
at the mid-span location are recorded throughout the test.

4 Finite Element Modeling

A typical finite element model of the CFRP composite specimen under the
three-point-bend test set-up is illustrated in Fig. 3. Each unidirectional composite
lamina is treated as equivalent elastic, orthotropic panel. Two different cases, one
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Fig. 2 Longitudinal cross section of CFRP composite

Fig. 3 Model of CFRP
composite specimen under
three-point bend test setup
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representing perfectly bonded laminate interfaces and the other, degraded inter-
faces are modeled. The model of the composite with perfectly bonded interface is
used to examine characteristics of shear stresses in each ply interface under flexural
loading. In the composite with degraded interfaces, the response of the interface is
described using a damaged, linear elastic constitutive model. The process-induced
residual stress due to coefficient of thermal expansion mismatch among the different
lamina lay-ups during curing of the composite is not considered. Each of the 0.2-
mm thick ply is modeled with a single layer of finite elements. The lamina is
modeled using 8-node solid elements. In the composite model with degraded
interfaces, the ply-to-ply interfaces are discretized using cohesive interface ele-
ments with matching mesh to the solid elements on both surfaces. Non-uniform
mesh density is employed along the composite specimen length.

The prescribed boundary conditions of the model represent the test setup.
The two support rollers are fixed with respect to the vertical displacement. The upper
loading roller is prescribed with vertical displacement at a rate of 2 mm/min.
Interaction of all specimen-to-roller contact surfaces are assumed to be frictionless.

Properties and relevant materials data for the unidirectional lamina and inter-
face material are derived from published work on similar CFRP composite lam-
inates [3, 5]. These properties and constants are summarized in Table 1. Subscripts
1, 2 and 3 refer to the local material axes with direction 1 along the fibers while 2
and 3 are perpendicular to the fiber orientation in the unidirectional ply.

The effect of mesh density on the predicted flexural response of the CFRP
composite is examined. An initial mesh with 31200 solid elements for the lami-
nates and 15540 cohesive elements for the interfaces (a total of 46740 elements) is
used as a reference coarse element mesh with mesh density defined as qref = 1.0.
This reference finite element mesh is illustrated in Fig. 3. Subsequent mesh
refinements with higher relative mesh density ratio of r = q/qref = 1.6, 2.5 and 5.0
are employed. The resulting load–deflection responses of the CFRP composite
specimen are compared in Fig. 4. The initial slope represents elastic flexural
stiffness of undamaged specimen. Results indicate that a coarse mesh predicted
higher starting load level to initiate delamination. The slope of the curve reduces to

Table 1 Elastic properties and materials data for unidirectional lamina and interface damage
model of CFRP composite

Lamina constants Fiber/matrix interface properties

E1 105.5 GPa E 1.0 9 106 MPa
E2 7.2 GPa G1 1.0 9 106 MPa
E3 7.2 GPa G2 1.0 9 106 MPa
G12 3.4 GPa
G13 3.4 GPa Data for cohesive damage model
G23 2.52 GPa T = 26.12 MPa GIC = 0.26 N/mm
m21 0.34 S = 14.57 MPa GIIC = 0.52 N/mm
m31 0.34 g = 54.1 GIIIC = 0.52 N/mm
m32 0.378 –
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the measured value as the mesh density of the model increases. It is worth men-
tioning that the resolution of the 5-kN load cell used during the test contributed to
the poor measured response of the specimen at low load level in the range of
0.02 kN. Subsequent analysis is performed using the sample geometry with the
final refined mesh (r = 5.0).

5 Results and Discussion

Results of FE simulation of CFRP composite specimen under flexural loading is
presented and discussed in terms of load–deflection response, initiation and pro-
gression of interface delamination, and damage dissipation energy as function of
the loading.

5.1 Load–deflection Response

The predicted load–deflection curve of the CFRP composite sample under three-
point bend test is compared with measured values as shown in Fig. 5. The flexural
behavior of an elastic, non-damage composite model with perfectly bonded
interfaces is also included for comparison. The calculated transverse load (and
hence the flexural moment) is in excess of 500 N when the prescribed mid-span
deflection reached 18 mm. The corresponding measured load of 248 N indicates
the occurrence of severe damage in the composite sample. The measured flexural
stiffness of the composite, as represented by the slope of curve is approximately
46.7% lower than that predicted by the non-damage model. This significant loss of
stiffness is primarily due to interface delamination. Such flexural stiffness
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degradation also suggests the corresponding loss of lateral load-carrying capability
of the CFRP composite panel following delamination damage. However, the
application of in-plane tensile pre-stressing of the composite panel may results in
different lateral load-carrying characteristics [9].

The predicted flexural stiffness of the CFRP composite, modeled with dela-
minating interfaces is similar to the measured stiffness. Nonlinear load–deflection
response of the CFRP composite sample during the flexural loading is adequately
reproduced. This similar slope indicates that interface delamination is the domi-
nant damage mechanism for the given loading. A noticeable initial stiffness is
reflective of elastic behavior of the laminates assumed in the model. The initiation
of delamination is indicated by sharp change in slope of the curve. A constant
overestimation of the loading pin reaction force magnitude is likely due to the
assumption of elastic laminates behavior and partly to the mesh density effect, as
discussed above.

5.2 Interface Shear Stress Distribution

Interface shear stress developing during flexural loading of the CFRP composite
specimen will dictate the onset of interface delamination since the normal stress
component is expected to be insignificant. Typical variations of shear stress in
each interface across the thickness of the composite specimen at the center
mid-span location (under the loading roller) and edge location are illustrated in
Fig. 6. The equivalent interface shear stress magnitude is predicted using the non-
damaging interface model and corresponds to simulated flexural test duration of
250 s. The onset of interface damage is first predicted to occur at 253.1 s in the
2nd interface (Fig. 7). At the center mid-span location (top figure) the shear stress
is higher and more uniform in middle ply interfaces. Where maximum flexural stress
is expected to occur near the outer surface of the specimen, the corresponding shear
stress is minimal. At the free edge of the specimen, the variation of interface shear
stress across the thickness is more drastic, as illustrated in the bottom figure.
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The higher magnitude of stress favors initiation of edge delamination for selected
interfaces. It is worth noting that interface shear stress at this edge location of the
specimen is generally higher for interfaces experiencing tensile bending stress.

5.3 Progression of Interface Delamination

The predicted sequence for the onset of delamination in each interface during the
three-point bend test of the specimen is presented in Fig. 7 in terms of test time
duration to initiate delamination. Interface delamination initiated either in the
center mid-span region or along the edges of the specimen. It is first predicted in
the second interface (counted from the top) between -45/45 plies. The last
interface to reach initial delamination is in the 10th interface between -45/45
plies. It is noted that delamination begins in the central region for interfaces in the
upper 64% of specimen thickness where flexural stress in the laminates is pri-
marily compressive. In addition, the initiation of delamination events in these
interfaces occurs over short time duration of 160 s. Edge delamination initiated for
the remaining lower interfaces where laminates are under tensile flexural stress.
Fiber orientation in adjacent laminates and loading type dictate the starting
location of the delamination for particular interface.

Fig. 6 Variations of interface shear stress across the thickness of the specimen at center mid-
span (top) and edge (bottom) locations
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Figure 8 shows the predicted damage state in the interfaces corresponding to
the onset of center and edge delamination in the 2nd and 10th interface, respec-
tively. Both interfaces lie between -45/45 plies. Anti-symmetric distribution of
the calculated delamination region is noted and derived from the corresponding
anti-symmetric ply sequence in the CFRP composite. Following delamination of
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Fig. 9 Distribution of interface damage (shades of grey) and delamination (black area)
corresponding to the end-of-test condition
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an interface material point, the corresponding shear and normal tractions at the
point diminished.

The distribution of interface damage (shades of grey) and delamination (black
region with the interface stress state satisfying Eq. 2 in each interface corre-
sponding to the end-of-test condition for the CFRP composite sample is shown in
Fig. 9. Both center and edge delaminations were predicted in each interface at this
high flexural load. However, delamination is confined to the central region of the
interface due to stress localization by the loading pin. Edge delamination is limited
to a shallow depth into the interface plane. Although delamination is initiated first
in the 2nd interface, the progression of delamination is extensive in middle
interfaces. Anti-symmetric distribution of delaminated regions in each interface is
obvious, as derived from the anti-symmetric sequence of plies lay-ups.
Results also indicated that limited progression of delaminated region is sufficient
to result in substantial loss of flexural stiffness of the composite.

5.4 Damage Dissipation Energy

The evolution of accumulated strain energy in the CFRP composite specimen
during flexural loading is compared in Fig. 10 for model with non-damaging and
damaging interfaces. Results indicate that the assumption of perfect interface
bonding overestimated the strain energy by a factor of 2.2 compared to the model
with cohesive damage interface. Non-linear evolution of the strain energy as

Fig. 10 Evolution of accumulated strain energy in the CFRP composite specimen as predicted
by the different interface conditions
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predicted from equivalent elastic, orthotropic lamina with non-damaging inter-
faces is likely derived from mechanics of laminated composite with anti-sym-
metric plies lay-ups. Since only interface delamination damage is being simulated
in this study, the significant difference in accumulated strain energy is attributed to
significant loss of stiffness of the CFRP composite specimen following interface
delamination, as illustrated earlier in Fig. 5.

The progression of delamination in all interfaces is presented in Fig. 11 in terms
of the evolution of damage dissipation energy for delamination. Results show that
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delamination failure process in CFRP composite can be described by exponential
dissipation of fracture energy under monotonic three-point bend loading. Once
delamination started, subsequent fast progression of failure is due to the limited
toughness of the interfaces. The predicted progression rate of delamination in each
interface does not follow the order of first initiation. The amount of dissipated
energy for delamination in the 11th interface is five times greater than that for the
1st interface. However, the extent of delamination in the 11th interface is smaller
and limited primarily to edge delamination (Fig. 9). Thus, it can be inferred that
dissipation energy for edge delamination is greater than that for internal center
delamination. It is worth noting that the 7th interface (between 0/45 plies) and 11th
interface (between 45/-45 plies) with center and edge delamination, respectively
started to delaminate at the same test time, as illustrated in Fig. 7. The subsequent
rate of damage energy dissipation is higher for the edge delamination in the 11th
interface. However, interface delamination damage region is smaller in the 11th
interface when compared to the 7th interface at the end of the test.

6 Conclusions

The mechanics of interface delamination in CFRP composite under three-point
flexural loading was examined using finite element method. Results show that:

• Interface delamination accounts for up to 46.7% reduction in flexural stiffness
from the undamaged state.

• Delamination initiated at the center mid-span region for interfaces in the
compressive laminates while edge delamination started in interfaces with tensile
flexural stress in the laminates.

• Anti-symmetric distribution of delaminated region is derived from the corre-
sponding anti-symmetric ply sequence in the CFRP composite.

• Delamination failure process in CFRP composite can be described by expo-
nential fracture energy dissipation. The dissipation energy for edge delamination
is greater than that for internal center delamination.
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Indentation of Sandwich Beams
with Functionally Graded Skins
and Transversely Flexible Core

Y. Mohammadi and S. M. R. Khalili

Abstract Improved high-order sandwich beam theory is used to model the local
deformation under the central indenter for sandwich beams with Aluminum/
Alumina FG skins loaded under three-point bending. First shear deformation theory
(FSDT) is used for the FG skins while three-dimensional elasticity is used for the
flexible core. By using the model to consider the way in which different wavelengths
of sinusoidal pressure loading on the top FG skin are transmitted to the core and to
the bottom FG skin, two spreading length scales kt and kb are introduced and
calculated. kt and kb, which are two functions of the beam material and geometric
properties, characterize the length over which a load on the top surface of a beam is
spread out by the skins and the core. When semi-wavelength is greater than kt (or kb),
the contact load at the top FG skin is transmitted relatively unchanged to the core
(or to the bottom FG skin). Conversely, when L/m \ kt (or kb), the applied load is
spread out by the top FG skin (or by the top FG skin and the core) over a length of the
order of kt (or kb). Reasonable agreement is found between theoretical predictions of
the displacement field under the indentation loading and FEM results of ANSYS
using a sandwich beam with functionally graded skins and transversely flexible core.
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Keywords Sandwich beam � Indentation � First order shear deformation theory �
Functionally graded skins � Flexible core

1 Introduction

Sandwich beams with vertical flexible core are more susceptible to premature
failure than beams with incompressible core [1]. A typical advanced construction
of a sandwich beam consists of two FG skins, not necessarily identical, bonded to
the compressible core through adhesive layers. The separation of FG skins by a
lightweight core increases the bending rigidity of the beam at expenses of small
weight. Also, the functionally graded materials (FGMs) are multi-functional
materials which contain spatial variations in composition and microstructure for
the specific purpose of controlling variations in thermal, structural, or functional
properties. These materials are presently in the forefront of material research
receiving worldwide attention [2]. Such materials have a broad range of appli-
cations including for example, biomechanical, automotive, aerospace, mechanical,
civil, nuclear, and naval engineering. FGMs are microscopically inhomogeneous
composites usually made from a mixture of metals and ceramics. The considerable
advantages offered by FGMs over conventional materials and the need of over-
coming the technical challenges involving high temperature environments have
prompted an increased use of sandwich structures, and incorporation in their
construction are the FGMs as face sheets [2, 3].

Analysis of sandwich beams are presented fundamentally by Allen [4] and
Plantema [5], assuming that the core is incompressible in the out-of-plane direc-
tion. These models assumed that the skins have only bending rigidity, while the
core has only shear rigidity. This approach is good for sandwich structures with
incompressible cores. To model the local effects at the load points for non-metallic
honeycomb sandwich panels with low transverse flexibility, compressibility of the
core in the vicinity of the applied loads must be included. The non-planar
deformed cross-section of the sandwich beam, observed experimentally, suggested
the need for a model which allows nonlinear variations of in-plane and vertical
displacement field through the core [6]. Frostig and Baruch [7, 8] used variational
principles to develop a high-order sandwich panel theory, which includes the
transverse flexibility of the core. In contrast, the simple beam theory where the
core in-plane displacements are assumed to vary in a linear way through the depth,
and the out-of-plane displacements are assumed to be constant. The accuracy of
Frostig’s formulation as applied to indentation of sandwich panels had already
been verified by Petras and Sutcliffe [6]. An improved high-order sandwich plate
theory (IHSAPT) based on the First order shear deformation displacement field
carried out on the Frostig’s high-order sandwich panel theory by Khalili et al. [9]
and Malekzadeh et al. [10]. Indentation failure of sandwich structures can arise
from a number of causes including failure at the loading points or joints or due to
impact damage [6].
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The aim of this paper is to understand the indentation behavior of sandwich
panels with FG skins by examining the roles of geometrical and mechanical
properties of the core and FG skins on the localized behavior under an indentation
loading. IHSAPT is used in this paper to analyze the behavior of sandwich beams
with FG skins subjected to three-point bending and to examine the details at
the load points. Two spreading length scales that characterize the flexibility
of a sandwich beam under indentation loading is also calculated. The accuracy of
IHSAPT in modeling localized effects is verified by ANSYS FE code.

2 Formulation

The IHSAPT introduced by Khalili and Malekzadeh [9] is used in this paper. This
high-order analysis is based on variational principles. Consider a sandwich beam
of span, L and unit width, consisting of a core with thickness, c, Young’s and shear
modulus, EC and GC, respectively, and two skins with the thicknesses of ht and hb

for the top and bottom skins, respectively, Young’s modulus Ef and Poisson’s ratio
vf, as depicted in Fig. 1 [6, 7].

A distributed load, qt is applied to the top skin. The model is two-dimensional,
so that variations across the width are neglected. The displacement and stress fields
of the core are expressed in terms of the following seven unknowns: the in-plane

Fig. 1 Geometry, loads, and internal resultants and deformations of differential segment:
a Geometry; b Loads and total internal forces; c Internal forces on skins and core; d Deformations
[6, 7]
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deformations, u0t and u0b in the x direction at the mid-plane of the top and bottom
skin, respectively; their corresponding vertical displacements, wt and wb; the
rotation components of the transverse normal about the y-axes wx

t and wx
b of

the mid-plane of the top and bottom skin, respectively, and the out of plane shear
stress sxz

c in the core. The relevant geometric parameters and the notation used for
stresses and displacements are given in Fig. 1.

The governing equations and boundary conditions are derived by the variational
principles imposed on the total potential energy as follows:

dUe þ dVe ¼ 0 ð1Þ

where Ue and Ve are internal potential and external energies, respectively; and
d denotes the variation operator.

The first variation of the internal potential energy in terms of stresses and
strains reads as

dUe ¼
Z

Vt

rt
xxdet

xx þ st
xzdct

xz

� �
dvþ

Z

Vb

rb
xxdeb

xx þ sb
xzdcb

xz

� �
dv

þ
Z

Vc

rc
xxdec

xx þ sc
xzdcc

xz

� �
dv ð2Þ

where rxx
j and exx

j (j = t, b) are the normal stress and strain in x-direction of the
upper and the lower skins, sxz

j and cxz
j (j = t, b) are the vertical shear stress and

strain in skins; superscripts t and b correspond to the upper and the lower skins,
respectively; rzz

c and ezz
c are the normal stress and strain in the vertical direction of

the core; sxz
c and cxz

c are the vertical shear stress and shear strain in the core; vt, vb

and vc are the volumes of the upper and lower skins and the core, respectively.
The variation of the external energy is equal to:

dVe ¼ �
ZL

0

 
nxtdu0t þ nxbdu0b þ qt þ

XNP

i¼1

Pit

lpit
dd x� xið Þ

 !
dwt

þ qb þ
XNP

i¼1

Pib

lpib
dd x� xið Þ

 !
dwb

!
dx ð3Þ

where qt and qb are the vertical distributed static or dynamic loads exerted on the
upper and lower skins of the beam, respectively; Pit and Pib are the vertical
external concentrated loads distributed on a rectangular region: lpit by one at the
upper skin and lpib by one at the lower skin located at x = xi; NP denotes the
number of concentrated loads; dd(x-xi) is the Delta of Dirac function at the location
of the load; nxj (j = t, b) are the in-plane external loads in the longitudinal
direction of the upper and lower skins; wj and u0j are the vertical deflection and
in-plane displacement in x-direction of the mid-plane of each skin (j = t, b).
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Geometry and sign convention for stresses, displacements, and loads are as
appeared in Fig. 1.

Considering small deformations and rotations, the kinematic relations for the
skins, based on FSDT are as follows:

uj x; zð Þ ¼ u0j xð Þ þ zjw
j
x xð Þ ð4Þ

wj x; zð Þ ¼ w0j xð Þ ð5Þ

where u0j(x), (j = t, b) is the in-plane deformation in the x-direction of the
mid-plane of each skin panel; w0j (x) is the transverse deflection of each skin
(j = t, b); wx

j (j = t, b) the rotation components of the transverse normal about the
y-axes of the mid-plane of the upper and lower skins, respectively. zj(j = t, b) is
the vertical coordinate of each skin and is measured downward from the mid-plane
of each skin (see Fig. 1a).

The kinematic relations used, assuming small deformations, take the following
form for the panel skins:

e j
xx x; zð Þ ¼ u0j;x xð Þ þ zjw

j
x;x xð Þ ð6Þ

c j
xz xð Þ ¼ w0j;x xð Þ þ w j

x xð Þ ð7Þ

Where (),i denotes a partial derivative with respect to i. The kinematic relations
for the core

ec
zzðx; zcÞ ¼ wc;zcðx; zcÞ ð8Þ

cc
xzðx; zcÞ ¼ uc;zcðx; zcÞ þ wc;xðx; zcÞ ð9Þ

where uc(x, zc) and wc(x, zc) are the in-plane displacement in the x-direction
and the vertical deflection of the core, respectively, and zc is the vertical
coordinate of the core, measured downward from the upper skin–core interface
(see Fig. 1a).

The compatibility conditions, assuming perfect bonding between the core and
the skins, at the upper and the lower skin–core interface, (zc = 0, c), read as

uc zc ¼ 0ð Þ ¼ u0t þ
ht

2
wt

x ð10Þ

ucðzc ¼ cÞ ¼ u0b �
hb

2
wb

x ð11Þ

wc zc ¼ 0ð Þ ¼ w0t ð12Þ

wc zc ¼ cð Þ ¼ w0b ð13Þ

where hj, (j = t, b) and c are the thickness of the upper and lower skins and the
height of the core, respectively, (Fig. 1a).
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Using the total potential energy principle (Eqs. 1–3), kinematic relations
(Eqs. 6–9) and stress resultants, defined in Fig. 1c, it is possible to obtain the
equations of equilibrium and the appropriate boundary conditions.

Nt
xx;x þ sc

xzðzc ¼ 0Þ þ nxt ¼ 0 ð14Þ

Nb
xx;x � sc

xzðzc ¼ cÞ þ nxb ¼ 0 ð15Þ

Qt
x;x þ rc

zzðzc ¼ 0Þ þ qt ¼ 0 ð16Þ

Qb
x;x � rc

zz zc ¼ cð Þ þ qb ¼ 0 ð17Þ

Mt
xx;x � Qt

x þ sc
xzðzc ¼ 0Þ ht

2
¼ 0 ð18Þ

Mb
xx;x � Qb

x þ sc
xz zc ¼ cð Þ hb

2
¼ 0 ð19Þ

sc
xz;zc
¼ 0 ð20Þ

rc
zz;zc
þ sc

xz;x ¼ 0 ð21Þ

where N j
xx; M j

xx; j ¼ t; bð Þ are stress resultants and moment resultants of the
upper and lower skins; Q j

x; j ¼ t; bð Þ is the distributed shear force per unit length of
the edge in the x-direction of each skin. Using the last two equations of the
equilibrium equations (Eqs. 20–21), constitutive law of the core material and
the continuity conditions for the top and bottom skins, the analytical relations for
the normal stress as well as the horizontal and vertical displacements in the core
were derived by Khalili and Malekzadeh [9].

For stress resultants, moment resultants, and distributed shear force per unit
length of each FG skin, constitutive equations are as follows:

N j
xx ¼ A j

11e
j0
xx þ B j

11j
j
xx ð22Þ

M j
xx ¼ B j

11e
j0
xx þ D j

11j
j
xx ðj ¼ t; bÞ ð23Þ

Q j
x ¼ A j

55c
j
xz ð24Þ

where j j
xx ¼ w j

x;x; j ¼ t; bð Þ is the curvature in the x-direction; ej0
xx; j ¼ t; bð Þ is

the mid-plane normal strain component; and c j
xz; j ¼ t; bð Þ is the out-of-plane

shear strain component. The terms, A j
11; B j

11; D j
11 and A j

55; j ¼ t; bð Þ for upper and
lower functionally graded skins can be introduced as follows [11]:

Power-law function of FGM (P-FGM):
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At
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Bt
11

Dt
11

8<
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9=
; ¼

Zht
2

�ht
2

E2 � E1ð Þ ztþht=2
ht

� �p
þE1

1� m2 � m1ð Þ ztþht=2
ht

� �p
þm1

� �2

1
zt

z2
t

8<
:

9=
;dzt ð25Þ

Ab
11

Bb
11

Db
11

8<
:

9=
; ¼

Zhb
2

�hb
2

E3 � E4ð Þ �zbþhb=2
hb

� �p
þE4
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þm4
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At
55 ¼

Zht
2

�ht
2

E2 � E1ð Þ ztþht=2
ht

� �p
þE1

2 1þ m2 � m1ð Þ ztþht=2
ht
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þm1

� � dzt ð27Þ

Ab
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Zhb
2

�hb
2
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hb

� �p
þE4
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þm4

� � dzb ð28Þ

Exponential function of FGM (E-FGM):

At
11
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11

Dt
11

8<
:

9=
; ¼

Zht
2

�ht
2

E2 exp log E2
E1

zt=ht � 1=2ð Þ
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1� m2 exp log m2
m1
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Bb
11
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2

�hb
2

E4 exp log E4
E3

zb=hb � 1=2ð Þ
� �

1� m4 exp log m4
m3

zb=hb � 1=2ð Þ
� �� �2

1
zb

z2
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8<
:
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At
55 ¼

Zht
2

�ht
2

E2 exp log E2
E1

zt=ht � 1=2ð Þ
� �

2 1þ m2 exp log m2
m1

zt=ht � 1=2ð Þ
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Ab
55 ¼

Zhb
2

�hb
2

E4 exp log E4
E3

zb=hb � 1=2ð Þ
� �

2 1þ m4 exp log m4
m3

zb=hb � 1=2ð Þ
� �� � dzb ð32Þ

Sigmoid distribution of FGM (S-FGM)
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Fig. 2 Structure of sandwich
beam with FG skins and
mechanical properties
notations of upper and lower
surfaces of both top and
bottom FG skins
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Ab
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Zhb
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0
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2

hb=2�zb

hb=2

� �p
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2
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:
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;dzb ð36Þ

where E1 and E2 are the Young’s modulus of the lowest ðzt ¼ ht=2Þ and top
surfaces ðzt ¼ �ht=2Þ of the upper FG skin, respectively, E3 and E4 are the
Young’s modulus of the top ðzb ¼ �hb=2Þ and lowest surfaces ðzb ¼ hb=2Þ of
the lower FG skin, respectively; vi, (i = 1, 2, 3, 4) are the related Poisson’s ratios
(see Fig. 2); and p is a positive constant exponent of FGM.

3 Governing Equations

Finally, the governing equations are formulated in terms of the following seven
unknowns: the in-plane deformations in the x-direction of the centroid plane of
skin beams, u0t and u0b; the transverse deformations of the various skins, wt

and wb; the rotation components of the transverse normal about the y-axes of the
mid-plane of each skin, wt

x and wb
x ; and the transverse shear stress in the core, sc

xz:

Hence, six equations are determined through substitution of the constitutive
relations in Eqs. 22–24, in the field equations in Eqs. 14–19. The additional
equation is derived using the displacement distribution in the x-direction of the
core and the compatibility requirements at the lower skin-core interface in Eq. 11.
Hence the governing equations read as

At
11u0t;xx þ Bt

11w
t
x;xx þ sc

xz þ nxt ¼ 0 ð37Þ

Ab
11u0b;xx þ Bb

11w
b
x;xx � sb

xz þ nxb ¼ 0 ð38Þ

At
55k w0t;xx þ wt

x;x

� �
þ Ec

c
w0b � w0tð Þ þ sc

xz;x

c

2
þ qt ¼ 0 ð39Þ

Ab
55k w0b;xx þ wb

x;x

� �
� Ec

c
w0b � w0tð Þ þ sc

xz;x

c

2
þ qb ¼ 0 ð40Þ

Bt
11u0t;xx þ Dt

11w
t
x;xx � At

55k w0t;x þ wt
x

� �
þ sc

xz

ht

2
¼ 0 ð41Þ

Bb
11u0b;xx þ Db

11w
b
x;xx � Ab

55kðw0b;x þ wb
xÞ þ sc

xz

hb

2
¼ 0 ð42Þ
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sc
xzc

Gc
�

sc
xz;xxc3

ð12EcÞ
� c

2
ðw0t;x þ w0b;xÞ þ

1
2
ðhtw

t
x þ hbw

b
xÞ þ u0t � u0b ¼ 0 ð43Þ

where k is the shear correction ratio that according to Mindlin’s assumption [12], is
taken as p2/12. The solution of the set equations can be achieved numerically for
general type of boundary conditions or analytically for the particular type of
boundary conditions such as simply supported.

4 Simply Supported Beam

An analytical solution exists in the case of a simply supported sandwich beam
where the two skin beams are simply supported and the vertical deformation through
the depth of the core at the edges of the beams is prevented. This solution consists
of an infinite series of trigonometric functions in x-direction, a Fourier series in
one dimension provided that the load exerted on the various skins, which may be
localized distributed or fully distributed, are described in terms of trigonometric
functions. The solution series reads as

u0jðxÞ
w0jðxÞ
w j

xðxÞ
sc

xzðxÞ

2
664

3
775 ¼

XM
m¼1

Cm
uj cos amxð Þ

Cm
wj sin amxð Þ

Cm
wj cos amxð Þ

Cm
s cos amxð Þ

2
664

3
775 ð44Þ

where m is an index for the wavelength of the Fourier term and M the number of terms
in the Fourier series. The Fourier coefficients, Cm

uj; Cm
wj; Cm

wj and Cm
s ; j ¼ t; bð Þ are

constants to be determined. For the external loads they are exerted on the top and
bottom skins, so in terms of the Fourier series we set

qj xð Þ ¼
XM
m¼1

Cm
qj sinðamxÞ ð45Þ

where Cm
qj; j ¼ t; bð Þ are two constants that depend on the distribution of the

external loads.
After substituting every term of the Fourier series (Eq. 44) into the governing

equations (Eqs. 37–43), the problem can be expressed in matrix form as

S½ � � C½ � ¼ F½ � ð46Þ

Where
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S½ � ¼

S11 0 0 0 S15 0 �1
S22 0 0 0 S26 1

S33 S34 S35 0 S37

S44 0 S46 S37

S55 0 S57

S66 S67

S77

2
666666664

3
777777775

ð47Þ

C½ � ¼

Cm
ut

Cm
ub

Cm
wt

Cm
wb

Cm
wt

Cm
wb

Cm
s

2
666666664

3
777777775

ð48Þ

F½ � ¼

0
0

Cm
qt

Cm
qb
0
0
0

2
666666664

3
777777775

ð49Þ

where S11 ¼ At
11a

2
m; S22 ¼ Ab

11a
2
m; S33 ¼ kAt

55a
2
m þ Ec=c; S44 ¼ kAb

55a
2
m þ Ec=c;

S55¼Dt
11a

2
m þ kAt

55; S66¼Db
11a

2
m þ kAb

55; S77 ¼ � c=Gc þ c3a2
m=12Ec

� �
; S15¼Bt

11

a2
m; S26 ¼ Bb

11a
2
m; S34 ¼ �Ec=c; S35 ¼ kAt

55am; S37 ¼ amc=2; S46 ¼ kAb
55am;

S57 ¼ �ht=2 and S67 ¼ �hb=2; and the matrix S is a symmetric matrix too.
Equation 46 is solved for C by using Matlab software, and the seven unknown

Fourier coefficients: Cm
ut; Cm

ub; Cm
wt; Cm

wb; Cm
wt; Cm

wb and Cm
s are obtained.

5 The Spreading Length Scale
for Indentation Loading

In this section, the improved high-order sandwich beam theory is used to inves-
tigate how the transmission of contact pressure under an indentor is to the core of
sandwich beam, where indentation failure generally occurs. The behavior is
assumed as elastic up to maximum load and the distribution of contact pressure is
arbitrary, so that the results will be useful to model the failure of beams made with
isotropic core and functionally graded skins. The spreading length scale introduced
by Petras and Sutcliffe [6] for top skin, is calculated in the present study for
sandwich beams with FG skins for both top, kt, and bottom skins, kb, in which is
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described whether the skins act in a rigid or a flexible manner. The analysis in
Sect. 2 was used in which a transverse pressure on the beam is expressed in terms
of a Fourier series (Eq. 45). Substituting Fourier series of w0t, w0b and sxz from
Eq. 44 and the Fourier coefficients into the normal stress relation [13], the normal
stresses in the top FG skin-core interface and the bottom FG skin–core interface
are given as

rc
zz zc ¼ 0ð Þ

rc
zz zc ¼ cð Þ

� �
¼
XM

m¼1

Cm
rzt

Cm
rzb

� �
� Cm

qt sin amxð Þ ¼ Cm
rzt

Cm
rzb

� �
� qtðxÞ ð50Þ

where Cm
rzt; and Cm

rzb are the dimensionless transmission coefficients of the top and
bottom FG skin–core interface, respectively, given by

Cm
rzt ¼

Ec Cm
wb � Cm

wt

� �
c

� cam

2
Cm

s ð51Þ

Cm
rzb ¼

EcðCm
wb � Cm

wtÞ
c

þ cam

2
Cm

s ð52Þ

Fig. 3 Variation of dimensionless transmission coefficient of the top FG skin–core interface Cm
rzt

with semi-wavelength L/m for various values of ht, hb, c and qc. The boxed labels identify the
values of qc and c for each subplot
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Fig. 4 Variation of dimensionless transmission coefficient of the bottom FG skin–core interface
Cm

rzb with semi-wavelength L/m for various values of ht, hb, c and qc. The boxed labels identify
the values of qc and c for each subplot

Table 1 The geometric and material parameters used in the parametric study

Young’s modulus (GPa)

E1 E2 E3 E4 c(mm) qc
kg
m3

� �
ht(mm), hb(mm) L(mm)

Present study 380 70 70 380 10 144 1.524 60
[6] 100 100 100 100 10 144 1.524 60

Table 2 Change of spreading lengths by use of P-FGM relations for p = 1

Parameter changed kt mmð Þ kb mmð Þ
Example1 Base sample; present study from Table 1 20.13 19.57
Example2 c = 2 9 10 mm 23.81 23.39
Example3 qc ¼ 2� 144 kg=m3 16.89 16.41
Example4 ht ¼ 2� 1:524 mm 25.75 23.29
Example5 hb ¼ 2� 1:524 mm 22.45 23.09
Example6 ht ¼ hb ¼ 2� 1:524 mm 33.61 33.09
Example7 L ¼ 2� 60 mm 20.06 19.57
[6] from Table 1 17.2 –
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These dimensionless coefficients depend on the geometric and material prop-
erties of the sandwich beam and on L/m, the semi-wavelength of the mth term of
the Fourier series. These coefficients vary from zero for small L/m, to one for large
L/m [6]. A value of zero for Cm

rzt; and Cm
rzb implies no transmission of this Fourier

component of applied stress through the upper FG skin, and through the core and
upper FG skin, respectively, while a value of one implies total transmission, so that
the parameters characterize the transparency of the skins as a function of the
wavelength of the applied load.

The results of a parametric study plotted in Figs. 3 and 4, show the variation in
transmission coefficients Cm

rzt; and Cm
rzb with the semi-wavelength L/m of the

applied sinusoidal load on the top FG skin, respectively. Table 1 shows the values

Table 3 The values of spreading length of top skin–core interface kt calculated by use of all
three methods, P-FGM, E-FGM, and S-FGM, for each of the examples introduced in Table 2

kt mmð Þ
Exa.1 Exa.2 Exa.3 Exa.4 Exa.5 Exa.6 Exa.7

P-FGM p = 0 15.63 18.27 13.1 21.15 17.27 26.15 15.63
p = 0.1 17.1 20.2 14.35 22.7 19 28.61 17.1
p = 1 20.1 23.81 16.87 25.75 22.45 33.57 20.1
p = 5 22.1 26.37 18.6 27.75 24.87 36.97 22.1
p = 10 22.8 27.17 19.17 28.45 25.63 38.1 22.8

E-FGM 19.26 22.81 16.15 24.93 21.47 32.2 19.26
S-FGM p = 0 21 24.93 17.65 26.47 23.53 35.03 21

p = 0.1 20.93 24.89 17.63 26.47 23.47 34.97 20.93
p = 1 20.1 23.81 16.87 25.75 22.45 33.57 20.1
p = 5 19.05 22.51 16 24.81 21.21 31.81 19.05
p = 10 18.87 22.3 15.87 24.65 21.05 31.57 18.87

Table 4 The values of spreading length of bottom skin–core interface kb calculated by use of all
three methods, P-FGM, E-FGM, and S-FGM, for each of the examples introduced in Table 2

kb mmð Þ
Exa.1 Exa.2 Exa.3 Exa.4 Exa.5 Exa.6 Exa.7

P-FGM p = 0 15.23 18.45 12.81 18.15 18.11 25.6 15.23
p = 0.1 16.64 20.1 14.00 19.86 19.76 28.08 16.64
p = 1 19.57 23.39 16.43 23.29 23.09 33.09 19.57
p = 5 21.62 25.68 18.12 25.56 25.46 36.48 21.62
p = 10 22.25 26.43 18.7 26.25 26.21 37.65 22.25

E-FGM 18.75 22.43 15.75 22.35 22.17 31.63 18.75
S-FGM p = 0 20.43 24.31 17.13 24.13 24.09 34.51 20.43

p = 0.1 20.38 24.32 17.14 24.14 24.1 34.46 20.38
p = 1 19.57 23.39 16.43 23.29 23.09 33.09 19.57
p = 5 18.54 22.18 15.6 22.12 21.9 31.3 18.54
p = 10 18.37 22.01 15.43 22.01 21.73 31.07 18.37
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of material and geometrical parameters considered in this study and the values of
parameters in Ref. [6]. Each subplot in Figs. 3 and 4 contains curves for two
values of top FG skin thickness ht and bottom FG skin thickness hb, while
changing from one subplot to the next represents a change in either core density qc

or core thickness c. Figures 3 and 4 show that, at short wavelengths, the trans-
mission coefficients Cm

rzt; and Cm
rzb fall to zero, indicating that the contact stresses

at these short wavelengths are changed significantly as they pass through the top
FG skin to the core in Fig. 3 and through the top FG skin and core to the bottom
FG skin in Fig. 4. The values of kt and kb in Table 2 indicate that the tendency
of the skin to spread out the load (or to increasing kt or kb) increases with
increasing the top FG skin thickness ht, core thickness c and bottom FG skin
thickness hb. The effect of c is more than hb and the effect of ht is more than
both hb and c for change in the value of top spreading length scale, kt, while for
change in the value of bottom FGM length scale, kb, the effect of ht is a little
more than hb and the effect of c is a little more than both of them in this case.
The results of Table 2 show increase in the core density, qc, decreases the
spreading length scales. Separate calculations show that spreading lengths did
not depend on the beam length, L.

In Figs. 3 and 4, it can be seen that the inflection point in each curve can be
used to identify where Cm

rzt; or Cm
rzb becomes small. The semi-wavelength, L/m, at

this inflection point, which we denote as the spreading length, kt or kb, charac-
terizes the susceptibility of sandwich beams to localized effects. Contact stresses
with semi-wavelengths below kt or kbð Þ are spread out by the top FG skin (or by
the both top FG skin and core), while for longer wavelengths the applied stresses
pass through the top FG skin to the core (or pass through the both top FG skin and
core to the bottom FG skin) relatively unchanged.

The first row in Table 2 is a base sample, using the values of ‘‘present study’’
from Table 1 and named ‘‘Example 1’’, while subsequent rows that are named
‘‘Example 2’’ to ‘‘Example 7’’ change one of the parameters as indicated. The
final row is an example of sandwich beam with non FG skins from Ref. [6] for
comparison with results of sandwich beams with FG skins in this study. Table 2
shows that top skin thickness ht is the most significant factor. Thus the thicker
skins are able to spread the load better than the thin skins.

All results of Table 2 were calculated by use of power-law relations
(Eqs. 25–28) and for linear distribution of properties through the thickness (p = 1),
but in Tables 3 and 4 the values of spreading lengths are calculated by use of all three
methods, P-FGM (Eqs. 25–28), E-FGM (Eqs. 29–32), and S-FGM (Eqs. 33–36)
mentioned in Sect. 2, and for five different values of p from zero to ten. These results
are listed in Tables 3 and 4 for each of the examples introduced in Table 2. The first
and seventh columns of Tables 3 and 4 that show the results of Example 1 and
Example 7 of Table 2, respectively, have identical results indicating that the
spreading lengths do not depend on the beam length as expected. The third and ninth
rows of Tables 3 and 4 also have the same results that show for linear distribution of
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properties through the thickness (p = 1) that two P-FGM and S-FGM relations
illustrated in Sect. 2 have identical results as expected.

Figures 5a, 6a, and 7a plotted the results of Table 3 for each of the P-FGM,
E-FGM, and S-FGM property distribution relations, respectively, versus p. and
Figs. 5b, 6b, and 7b show the similar curves from the listed results of Table 4.
Figures 5 and 7 show that, the achieved values of spreading lengths, kt and kb, by

Fig. 5 The spreading length scales versus power exponent p by use of P-FGM property
distribution relations, for each of the examples introduced in Table 2: a the spreading length scale
of top skin–core interface kt and b bottom skin–core interface kb

Fig. 6 The spreading length scales versus power exponent p by use of E-FGM property
distribution relations, for each of the examples introduced in Table 2: a the spreading length scale
of top skin–core interface kt and b bottom skin–core interface kb

Fig. 7 The spreading length scales versus power exponent p by use of S-FGM property
distribution relations, for each of the examples introduced in Table 2: a the spreading length scale
of top skin–core interface kt and b bottom skin–core interface kb
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P-FGM and S-FGM relations increase and decrease, respectively, with increasing p.
In additon, we can seen that the values of kt and kb calculated by P-FGM distribution
relations (Eqs. 25–28) also change with p much more than the values calculated by
S-FGM distribution relations (Eqs. 33–36). Also, we knew from Eqs. 29–32 that the
E-FGM distribution relations did not depend on the p (see Fig. 6).

In summary, dimensionless ‘‘transmission coefficients’’, Cm
rzt; and Cm

rzb, describe
how indentation loads are transmitted through the top FG skin into the core and
through the top FG skin and core into the bottom FG skin, respectively. Plots of

Fig. 8 Loads and geometrical and mechanical properties of typical sandwich beam with FG
skins

Fig. 9 Predicted and FEM
results of top FG skin
deflection for p = 0.1,
1 and 10
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Cm
rzt; and Cm

rzb as a function of load semi-wavelength, L/m, (see Figs. 3 and 11) are
used to achieved two characteristic wavelengths, kt and kb, whereby below these
values the contact stresses are changed significantly by the skins and core, for a given
beam geometry and material combination. This analysis, which is based on elastic
behavior, allows us to understand the beam behavior for a given applied pressure
distribution.

Fig. 10 Predicted and FEM
results of bottom FG skin
deflection for p = 0.1, 1
and 10

Fig. 11 The indentation
value of each typical section
of the sandwich beam with
FG skins for three
magnitudes of power
exponent p
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6 Verification and Numerical Results

In order to verify and validate the results for indentation of sandwich beams with
FG skins, the numerical results obtained are compared with FEM results achieved
from ANSYS. The present analysis results in this section are obtained by use of
power-law function of FGM relations, Eqs. 25–28.

The numerical study consists of a symmetric sandwich beam with FG skins
loaded by qt at mid-span of the upper skin, where the beam is simply supported at
the edges of the upper and lower skins, see Fig. 8. The skins are assumed to be

Fig. 12 Predicted and FEM
results of top FG skin
longitudinal displacement
for p = 0.1, 1 and 10

Fig. 13 Predicted and FEM
results of bottom FG skin
longitudinal displacement
for p = 0.1, 1 and 10
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functionally graded materials made of Aluminum/Alumina, where their modulus
of elasticity are 70 and 380 GPa, respectively. The core is a lightweight closed
cells foam with a density of 50 kg=m2.

The numerical results include vertical and longitudinal displacements of the top
and bottom FG skins, shear stress in the core, and interfacial vertical normal
stresses in the top FG skin–core and bottom FG skin–core interface.

Figure 9 shows the vertical displacement of the top FG skin for the example
mentioned in Fig. 8, the results of which are measured based on the power-law
function of FGM relations and for three various values of exponent p. Figure 10
indicates the vertical displacement of the bottom FG skin. In both Figs. 9 and 10,
the calculated results by the present analysis are verified with the FEM results

Fig. 14 Variation of the elasticity modulus through the thickness of the a top FG skin, and
b bottom FG skin, according to p. by use of P-FGM property distribution

Fig. 15 Predicted and FEM
results of shear stress in the
core for p = 0.1, 1 and 10
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achieved from ANSYS. It can be seen that the numerical results are in good
agreement with the FEM results.

Figure 11 reports the indentation value of each typical section of the sandwich
beam for three types of property distribution in the FG skins, and it can be seen
that the indentation effects are localized in the vicinity of the indenter as expected.

Figures 12 and 13 show the longitudinal displacements of the top and bottom
FG skins, respectively, for three values of exponent p. The previous figures
(Figs. 9, 10, 11, 12 and 13) show that the property distribution of FG skins by
power-law relations with exponent p = 0.1 has more displacements than the two
other types of property distributions, p = 1 and p = 10, and displacement results
of property distribution with exponent p = 1 is a little more than similar results
with exponent p = 10. As indicated in Fig. 14, modulus of elasticity for P-FGM
property distribution with exponent p = 0.1 tends to the elasticity modulus of
Aluminum and inverse for exponent p = 10. It can be seen that it tends to the
elasticity modulus of Alumina. And because the elasticity modulus of Alumina is
more than elasticity modulus of Aluminum, hence it shows bigger displacements
for exponent p = 0.1 than exponent p = 10 as shown in Figs. 9, 10, 11, 12 and 13.

The results of shear stress in the core plotted in Fig. 15 for various power
exponents p and compared with FEM results from ANSYS, show that the results of
the present study agree very well with FEM results as expected.

Figure 16 shows the normal stresses in the top FG skin–core interface, rt
zz,

together with the bottom FG skin–core interface, rb
zz. These results are plotted for

three property distributions of FG skins. Normal stresses in the top FG skin–core
interface, which are much greater than normal stresses in the bottom FG skin–core
interface as indicated in Fig. 16, are to be expected. Because it is known
from Sect. 3 that the dimensionless coefficients, Cm

rzt; and Cm
rzb, describe how the

indentation loads are transmitted through the top skin into the core and through the

Fig. 16 Interface vertical
normal stresses at core-skin
interfaces, for three
values of p
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top skin and the core into the bottom skin, respectively, and Figs. 3 and 4 show
that the Cm

rzb is smaller than the Cm
rzt; because the indentation loads, qt, to reach to

the top skin–core interface are modified by just the top FG skin, but to reach to the
bottom skin–core interface, indentation loads are modified by both the core and the
top FG skin. Thus, for the same reason, the peel stresses in the bottom skin–core
interface are smaller than peel stresses in the top skin–core interface as shown in
Fig. 16.

7 Conclusions

An improved high-order sandwich beam theory is used to analyze the indentation
behavior of sandwich beams with properties typical of transversely flexible core
and FG skins. The capabilities of improved high-order sandwich beam theory for
sandwich beams with FG skins and transversely flexible core are verified by FEM
results of the vertical and longitudinal displacements and shear stresses in the core.
Although there are some quantitative differences, the results are encouraging and
justify the use of the model in an analysis of indentation behavior of such beams.
By considering the general loading case using a Fourier series, the effect of the
applied wavelength of the contact stress on the beam behavior is investigated.
Results are used to extract two spreading length scales kt and kb for a given beam
material and geometric properties. This is a property of a sandwich beam, char-
acterizing the susceptibility of the sandwich beam to indentation loads. Small
values of kt and kb transmit external loads straight into the core and into the
bottom FG skin, respectively, while large values of kt and kb spread the inden-
tation load over a wider area. Spreading lengths are calculated by use of each of
the P-FGM, E-FGM, and S-FGM property distribution relations of FG skins for the
change in the geometrical and mechanical properties of the sandwich beam with
Aluminum/Alumina FG skins. Results show that the top skin thickness ht, core
thickness c, and bottom skin thickness hb are the most significant factors,
respectively, by varying the value of kt. Also, by changing the value of kb, the
most important factors are core thickness c, top skin thickness ht and bottom
skin thickness hb, respectively. Also, the results of kb indicate that the effects of
c, ht and hb in change kb are similar. Finally, by increasing the core density
parameter, qc, the value of the spreading length scales are decreasing.
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Micromechanical Fibre-Recruitment
Model of Liquid Crystalline Polymer
Reinforcing Polycarbonate Composites

K. L. Goh and L. P. Tan

Abstract Injection-molded in situ anisotropic liquid crystalline polymeric (LCP)
micro-fibres reinforcing polycarbonate (PC) composite are light-weight materials
with ‘tailorable’ mechanical properties. Using a novel fibre-recruitment (FR)
computer model, we have investigated the effects of compatibilization on the
microstructure–property relationship in LCP-PC composites, focusing on the
recruitment, pull-out and rupture of LCP fibres and LCP-PC interfacial failure. The
model represents a parallel array of LCP fibres, of differing lengths and diameters
to account for the natural variation, embedded in PC matrix. When an increasing
external load acts on the composite, the fibres are recruited in tension. Initially,
these fibres undergo linear elastic deformation. At a certain higher applied load, a
fraction of the fibres yields and undergoes plastic deformation; eventually, a
fraction of these fibres fractures. The FR model was used to evaluate the macro-
scopic structural and material properties of the fibre, such as fibre diameter, elastic
modulus, yield and rupture (rr) stresses.

List of Symbols
Af Cross-sectional area of a LCP fibre
D Standard deviation of the mean value
Df Diameter of the LCP fibre
‹Df› Mean diameter of a sub-population of the LCP fibre
D Extension of the LCP fibre
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em Strain in the polycarbonate (PC) matrix at the point if the LCP fibre were
absence

ef Strain in the LCP fibre
Ef Elastic modulus of the LCP fibre
F Force acting on the LCP fibre
K Boltzmann’s constant
kf Linear stiffness of the LCP fibre
‹kP› Mean linear stiffness of the LCP fibre
L Half-length of LCP fibre
LCP Liquid crystal polymer
n The number of LCP fibres used in the simulation
PC Polycarbonate
Pf Plastic modulus of the LCP fibre
q LCP fibre aspect ratio, which is defined as the ratio of the length (2L) to

the diameter (Df = 2rf) of the fibre
R Distance from the centre of a LCP fibre to half-way between the gap of the

neighbouring fibre
rf Radius of the LCP fibre
rf Fibre axial stress as a function of Z
‹rf› Average axial stress in the LCP fibre
rf,max Maximum axial stress in the LCP fibre
rr Fracture stress of LCP fibre
ry Yield stress of LCP fibre
T Simulated annealing temperature
s Interfacial shear stress as a function of Z
v2 The goodness-of-fit parameter for the simulated annealing algorithm
Z Normalised distance (= z/L) along the fibre axis from the fibre centre to

the fibre end, where z is the axial coordinate of the cylindrical coordinate
system

1 Introduction

For the past two decades, there has been a growing interest in thermoplastic
composites reinforce by liquid crystalline polymer (LCP) fibres [1, 5, 12–14, 16,
18, 23–27]. LCP fibres of high aspect ratio (slenderness) may be self-assembled
from p-hydroxybenzoic acid (PHB; Fig. 1b) and poly(ethylene terephthalate)
(PET; Fig. 1c). PHB is a phenolic derivative of benzoic acid; it is a white crys-
talline solid with a high thermal stability; PET is a thermoplastic polymer resin of
the polyester family [3]. In particular, Tan et al. [19–22] have carried out many
studies on thermoplastic polycarbonates (PC) reinforces with in situ fibres of LCP,
comprising 80/20% of PHB and PET. Polycarbonates (PC) possess functional
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groups linked together by carbonate groups (-O-(C=O)-O-) (Fig. 1a) in a long
molecular chain [3]. PC possesses excellent mechanical properties and thermal
stability; while PET has similar tensile strength to PC it is also more flexibile with
a lower thermal stability than PC [3]. Blending PC with PET compound extends
the economic usefulness of PC for making products with a wider range of prop-
erties, including those that can withstand high impact or heat [3]. These products
range from helmets, power tool housings, battery cases to bottles. Injection-mol-
ded LCP-PC blends is one of the most widely used methods; thus it will be useful
to find new effective ways to develop LCP blends with ‘tailorable’ mechanical
properties by injection molding [19].

A key issue concerning the synthesis of LCP reinforcing thermoplastic com-
posite is compatibilization [6, 7, 17]. Tan et al. [19–22] implemented compatibi-
lization by trans-esterification of PC and LCP with the aid of a catalyst. It follows
that long slender LCP fibres can be crystallized by optimizing the following key
operating parameters: shear (flow) rate for extrusion, viscosity ratio and LCP
content. In particular, high shear rate allows for the production of long and slender
fibres which, upon crystallization, yields LCP-PC composites with high strength
and toughness [20]. On the other hand, shear flow increases the temperature of the
melt by inducing localized sites of high temperature around the fibres. Conse-
quently the fibres relax into globular structures [21, 22]. One approach to minimize
relaxation would be to cool the blend rapidly [21, 22]. In this case, the compati-
bilizer provides two key advantages: it enhances the mechanical interactions
between the LCP fibres and PC matrix and it minimizes fibre relaxation by ele-
vating the critical temperature for this to occur [21, 22].

This chapter describes an investigation on the effects of compatibilizer on the
microstructure–property relationship in injection-molded LCP-PC composite using
a novel fibre-recruitment (FR) model. A key motivation for this study is that the
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Fig. 1 Chemical structures of (a) polycarbonate (PC; repeating unit), (b) p-hydrobenzoic acid
(PHB) and (c) poly(ethelene terephthalate) (PET; repeating unit)
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predictions from the FR model could be useful for optimizing the synthesis
parameters, namely shear rate and temperature of melt. The FR model was adapted
for studying compatilized and uncompaibilized composites according to the shear-
lag and shear-sliding theories, respectively, for discontinuous fibres. The model
was evaluated by fitting to experimental stress–strain data, derived from tensile
testing of compatibilized and uncompatibilized LCP-PC composites in earlier
studies [19–22], to derive the fibre structural and mechanical properties. For
preparing the compatibilizer lanthanum acetylacetonate hydrate was used in the
catalytic trans-esterification process, aided by an inhibitor [19–22]. Figure 2 shows
the synthesis of a dumb-bell shaped LCP-PC tensile bar by injection-molding [21].

2 Micromechanical Fibre-Recruitment Model

2.1 Shear–Lag Model of Compatibilized Composites

Consider a parallel array of discontinuous LCP fibres embedded in and bonded to
PC matrix in a compatibilized composite. Here, the fibre axis defines the z axis of
the cylindrical coordinate system and the fibre centre defines the origin of the
coordinate system so that Z (= z/L) represents a normalized coordinate with values
ranging from 0 to 1. We approximate the LCP fibres as uniform cylinders; here rf

and 2L represent the fibre radius and length, respectively. The cross-sectional area
of a fibre is given by Af = prf

2. Let R represents the centre-to-center distance
between this fibre and adjacent fibre. When the composite is subjected to an
external applied load acting in the direction of the fibre axis, more and more fibres
are recruited into tension from their relaxed state. Since compatibilization
increases the interfacial adhesion and miscibility between the LCP and PC

Skin Core

Skin

Gate

Dumb-bell shaped tensile bar

Fig. 2 Schematic of the cross-section of a LCP-PC composite in a dumb-bell shaped mold
(ASTM M-II standard). Here, two key regions, known as ‘skin’ and ‘core’, are indicated. The
dumb-belled shaped tensile bar was produced by injecting palletized LCP-PC dried extrudate, via
the gate, into the mold
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components [19], stress transfer between LCP fibres bonded to PC matrix in the
composite may be described by a shear–lag model [4]. Here, the PC matrix
deforms elastically and shear–lags over the LCP fibres; as each LCP fibre deforms
elastically, stress is generated within the fibre. Thus, stress is transferred from the
matrix to the fibres via the bonds at the fibre-matrix interface. Consider the axial
strains in a fibre; let em represents the corresponding strain the PC matrix would
undergo (at the same point if the fibre were absent). Also let Gm and Ef represent
the shear modulus of the matrix and elastic modulus of the fibre, respectively. The
axial stress generated at any point Z, i.e. within the fibre, is given by

rf ðZÞ ¼ rmax 1� coshðbZÞ
coshðbLÞ

� �
ð1Þ

where

b ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
2fGm=Ef g
r2

f lnðR=rf Þ

s
ð2Þ

and

rmax ¼ emEf : ð3Þ

A typical plot of rf /rmax versus Z is shown in Fig. 3a. Thus, we find that
rf * rmax at Z = 0. The axial stress remains unchanged over a large proportion of
the central region of the fibre; towards the fibre tip, the stress decreases non-
linearly and rapidly until it becomes zero at Z = 1.

In Eq. 1, the subscript in rf describes the stress generated in the fiber. Thus, we
find that the macroscopic stress, i.e. the average value of rf, i.e. hrfi, is related to
the local strain state in the matrix, i.e. em, given by

rf

� �
¼ emEf 1� tanhðbLÞ

bL

� �
: ð4Þ
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Fig. 3 Graphs of normalized (a) axial stress (rf/rmax) and (b) interfacial shear stress (s/rmax)
versus Z along the LCP fibre from the centre (Z = 0) to the tip (Z = 1) of the fibre. Inset in each
graph is a schematic of the LCP fibre
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We note that the right-hand side of Eq. 4 is weighted by Ef[1-tanh(bL)/(bL)].
The shear stress (s) acting tangentially at the fibre-matrix interface also varies
with Z. From Fig. 3b, we find that s is zero at the fibre centre (i.e. Z = 0) but
increases non-linearly, rapidly to a maximum value at the fibre end (i.e. Z = 1).
In this case, the maximum shear stress (smax) is given by

smax ¼ rmax

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
Gm=Ef

2 lnðR=rf Þ

s
tanhðbLÞ: ð5Þ

To quantify the stress uptake by the LCP fibres, we define a dimensionless
quantity known as the stress transfer ratio, rf /s. Note that in Kelly and MacMillan
[11], the stress transfer ratio was defined as s/rf . Nevertheless, both quantities are
used to model the same concept; we have used the inverse of what was defined by
Kelly and MacMillan [11] because s/rf yields a very small value and so it is not
straight-forward to interpret. Letting rf /s = rmax/smax, from Eq. 5 we have

rf=s ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
2 lnðR=rf Þ

Gm=Ef

s
cothðbLÞ: ð6Þ

Thus, the stress transfer depends on the moduli of the fibre and matrix, i.e. Ef and
Gm, respectively, the fibre size (i.e. rf) and fibre–fibre interaction distance (i.e. R).

We note that a varying s as a function of Z may be justified at the molecular
level as follows. There is no interaction between the compatibilized PC matrix
macromolecules and the LCP fibre surface around the fibre surface at Z = 0 where
the mirror symmetry axis of the fibre is defined. However, the number of inter-
actions (presumably dominated by covalent bonds) per unit area of the interface is
expected to increase as we consider distances away from the centre towards the
fibre end. Shear of the interface involves overcoming these intermolecular cova-
lent forces at the interface. An increasing area density of interactions may be
possible if the macromolecular composition of the PC matrix and the LCP fibre
varies along the length of the fibre.

2.2 Shear-Sliding Model of Uncompatibilized Composites

Similar to the previous case, we consider a parallel array of discontinuous LCP
fibres embedded in PC matrix but in an uncompatibilized composite. In this case,
we may assume that there is no adhesion between the LCP and PC components;
the LCP fibres are held in PC matrix by residue stresses. As the load acting on the
composite increases, the PC matrix deforms plastically and shear-slides over
the LCP fibres as they deform elastically. Stress is transferred from the matrix to
the fibres via a constant frictional shear stress (s) acting tangentially at the fibre–
matrix interface. According to Kelly and MacMillan [11], the stress transfer
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mechanism in uncompatibilized LCP-PC composites is described by a shear-
sliding model. The local stress state in each fibre is given by

rf ðZÞ ¼ 2sq 1� Z½ �; ð7Þ

where q denotes the fibre aspect ratio, i.e.

q ¼ L=rf ; ð8Þ

L, rf, and Z are parameters which have been defined in the previous section.
A plot of normalized axial stress (rf/sq) versus Z is shown in Fig. 4a. The

maximum value of rf, i.e. rf,max ( = 2sq) occurs at Z = 0; thereafter, the stress
decreases linearly until it becomes zero at the fibre end (Z = 1). Figure 4b shows
graphical representation of the distribution of s along the fibre surface with respect
to Z; the constant s argument addresses, at the molecular level, a constant number
of interactions per unit area between the PC matrix macromolecules and the LCP
fibre surface throughout the fibre length. Shear of the interface involves over-
coming these intermolecular forces at the interface. A constant number of inter-
actions per unit area may be possible if the macromolecular composition of the PC
matrix and the LCP fibre do not vary along the length of the fibre.

From Eq. 8, we find that the stress transfer ratio for the shear-sliding model is
described by

rf =s ¼ 2q: ð9Þ

Here, Eq. 9 characterizes the stress transfer between the interfacial shear stress and
the axial stress, modulated by q, for the shear-sliding model. Note that the mac-
roscopic stress, given by

rf

� �
¼ sq; ð10Þ

is related to the local fibre-matrix interfacial stress.
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Fig. 4 Graphs of normalized (a) axial stress (rf /qfs) and (b) interfacial shear stress (s/qrmax)
versus Z along the LCP fibre from the centre (Z = 0) to the tip (Z = 1) of the fibre
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2.3 Stress–Strain Relationship

This section explains the fibre stress–strain relationship in compatibilized and
uncompatibilized LCP-PC composites. We can model the macroscopic force
generated in the fibre, Ff, in response to the external load, by relating Ff to the
macroscopic stress, given by

Ff ¼ rf

� �
Af : ð11Þ

When the fibre responses elastically to the external load, according to Hooke’s
law for elasticity, the relationship between Ff and the macroscopic fibre defor-
mation (Df) may be modeled using

Ff ¼ kf Df ; ð12Þ

where kf is the elastic spring constant. We can also express Eq. 12 in terms of
hrfi ( = Ff /Af) and macroscopic fibre strain, ef ( = Df /L), as

rf

� �
Af ¼ kf ef Lf ; ð13Þ

or

rf

� �
¼ Ef ef ; ð14Þ

where the elastic modulus, Ef, is given by

Ef ¼ kf Lf =Af : ð15Þ

Equation 15 expresses a linear stress–strain relationship that applies to the fibre
as it responses elastically to the applied load. Since the magnitude of Ef depends on
the nature of the fibre, it is expected that the stiffness of fibres within compati-
bilized composites will be different from uncompatibilized composites because the
process of compatibilization is also responsible for altering the nature of the LCP
fibres.

2.4 Failure Mechanisms

This section describes the failure mechanisms in the compatibilized and uncom-
patibilized LCP-PC composites. Here the fibre yields as the load acting on the fibre
increases up to a point such that hrfi is greater than the macroscopic stress at
yielding (ry). It follows that the relationship between the macroscopic stress and
strain is modeled by a linear-plastic equation,

rf

� �
¼ Pf ef ; ð16Þ

where Pf is the fibre modulus during yielding, which is quantified by the slope of
the stress–strain curve after yield. Eventually, the fibre fractures completely as the
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load increases up to a point such that ‹rf› is greater than the macroscopic rupture
stress of the fibre (rr). Owing to compatibilization, which alters the nature of the
LCP fibres and PC matrix, the magnitudes of Pf, ry and rr from compatibilized
composites may differ from uncompatibilized composites.

3 Computer Simulation

3.1 Model Description

The shear–lag and shear-sliding models were implemented by a computer algo-
rithm (MatLab, version 7) which evaluates q, Ef, Pf, ry and rr by fitting, using a
simulated annealing approach (see the next section), to experimental data derived
from earlier reports on compatibilized and uncompatibilized LCP-PC composite
tensile bars [19]. A flow-chart of the algorithm, hereafter known as the fibre
recruitment (FR) algorithm, is shown in Fig. A.1 (Appendix).

The parallel array of LCP fibres features varying diameters; this is to account
for the natural variation. It follows that the overall fibre diameter distribution
comprises two normally distributed sub-populations with means, hDfi1 and hDfi2
(where hDfi1 \ hDfi2) and standard deviations (SD), dD,1 and dD,2 (see next section
for further details on how this conclusion was arrived). Bar-charts of normalized
frequency versus diameters are shown in Fig. 5; an optimization procedure, using
the simulated annealing approach (see next section), was used to generate these
distributions. Here, we noted that the most frequent number of fibres in the
compatibilized and uncompatibilized sample are Df * 3.3 and 14 lm, respec-
tively; for further details, see Tan et al. [19, 20]. The natural variation also extends
to length; in this case, q (Eq. 8 will vary from one fibre to another. Thus, q is
assumed to follow a normal distribution with mean, hqi, and SD, dq; the q values
were determined by simulated annealing (i.e. next section).

The model of Frisen et al. [8] was adapted for the purpose of simulation by
considering the simultaneous mechanical response of the fibres to an external load
(Fig. 6). When an increasing external load acts on the composite, the PC matrix
deforms and all fibres were recruited in tension. Initially, these fibres undergo
linear elastic deformation, govern by Eq. 14. At higher load, a proportion of the
fibres yield and undergo plastic deformation govern by Eq. 16; a proportion of
these rupture eventually when the stress generated in these fibres exceeded rr.

For LCP fibres undergoing elastic deformation, followed by plastic deforma-
tion, the natural variation in the fibre stiffnesses, Ef, are derived from the corre-
sponding linear stiffness kE which is assumed to be distributed normally
parameterized by mean, hkEi, and SD, dE, using Eqs. 12–15. The same approach
was also implemented to derive Pf, i.e. from the corresponding linear stiffness, kP

(normal distribution parameterized by mean, hkPi, and SD, dP). Consequently,
each fibre takes up stress (rf) and strains (ef) differently, depending on the stiffness
of the fibre.
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3.2 Simulated Annealing

A simulated annealing algorithm was incorporated into the FR model (Fig. 1) to
determine q, Ef, Pf, ry and rr by linear least-square fitting to experimental stress–
strain data of compatibilized and uncompatibilized LCP-PC composite tensile bars
derived from an earlier report [19]. The method of simulated annealing was chosen
because it is a robust technique for optimization problems of large scale problems,
especially ones where a desired global extremum is hidden among many, poorer,

Fig. 5 Fibre diameter frequency distributions of (a) uncompatibilised and (b) compatibilised
LCP-PC composites

(a) (b)

Fig. 6 Fibre-recruitment (FR) model of LCP-PC composite undergoing tensile test, showing
linear elements (representing the fibres) in action: (a) the relaxed fibres before the application of
an external load; (b) during loading. Here, the fibres are numbered from 1 to n, where n is the
total number of fibres in the PC matrix, hrfii is the macroscopice stress generated in the ith fibre
(where i = 1, 2, 3, …,n) in response to an external load and ef is the fibre strain
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local extrema; this method has been applied successfully to a wide range of
problems, such as the determination of fibre diameters from small angle X-ray
scattering data [10] to name one.

To implement the algorithm we defined an objective function to be minimized
given by the (chi square) goodness-of-fit parameter (v2) for quantifying the opti-
mal (linear least squares) fit of the model to the experimental data. The space over
which this function is defined is a discrete, but very large, configuration space
containing the set of possible normal frequency distributions of Df, q, Ef, Pf, ry

and rr. A Matlab procedure, incorporating the random number generator, was used
to generate these distributions; the number of bins was set equal to the number of
fibres used in the simulation model for generating these distributions. A simulated
thermodynamic system was assumed to change its configuration from v1

2 to v2
2 with

probability P = exp(-[v2
2 - v1

2 ]/kT), where k is Boltzmann’s constant and T is
the simulated annealing temperature. If v2

2 \ v1
2 , the probability is greater than

unity; in such cases the change is arbitrarily assigned a probability P = 1, i.e., the
system always took such an option. This general scheme, of always taking a
downhill step while sometimes taking an uphill step, is known as the Metropolis
algorithm. Thus, implementing the Metropolis algorithm for the FR model
required the following input parameters,

1. The possible system configurations, i.e. the normal distributions of Df, q, Ef, Pf,
ry and rr (note that both Df and q were constrained by the range of values
observed from experiments [19, 20];

2. A generator of random changes in the configuration;
3. An objective function v2 whose minimization is the goal of the procedure;
4. A control parameter T, obtained by trial-and-error, and an annealing schedule

which tells how it is lowered from high to low values, e.g., after how many
random changes in configuration is each downward step in T taken, and how
large is that step. In the trial and error approach, initially we generated some
random rearrangements, and use them to determine the range of values of trial-
and-error that will be encountered from move to move. Choosing a starting
value for T which was considerably larger than the largest v2

2 - v1
2 normally

encountered, we proceeded downward in multiplicative steps each amounting
to a 10 percent decrease in T. We held each new value of T constant for
100 N reconfigurations, or for 10 N successful reconfigurations, whichever
came first (N represents the number of fibres). When efforts to reduce v2 further
become sufficiently discouraging, we stopped the simulation for T.

In addition to our starting set of configurations of q, Ef, Pf, ry and rr, the other
input parameters that were required for the simulated annealing model include: the
number of fibres and the nature of the fibre diameter distribution. Here, N = 150
fibres for the uncompatibilized and compatibilized samples; these are the mimi-
mum number that is shown to yield an optimal solution for a good fit between the
computational and experimental results (corresponding to a composition of PC and
LCP of 15 and 85% by weight, respectively). The value of N assigned to both
uncompatibilized and compatibilized samples was the same because this study was
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not intended to model the effects of LCP concentration (which would have an
influence on the mechanical properties [20]). A bimodal distribution (arising from
two normally distributed subpopulations) was assumed for the underlying nature of
the fibre diameter; we arrived at this assumption by evaluating the smallest number
of sub-populations that can be used to fit the stress–strain curve. In this case, the
ratio of the number of fibres in the distribution with the smaller mean to that of the
larger mean was found to be 6:74 and 4:71 for the uncompatibilized and com-
patibilized samples, respectively. The starting point of our evaluation for the
appropriate fibre diameter distributions was based on experimental observations
reported in an earlier study [20].

4 Predictions

4.1 Stress–Strain Relationship

The predicted stress–strain curve is plotted together with the experimentally
derived curve in Fig. 7 For the uncompatibilized sample, the FR model predicts
the yielding of the first and the last fibre correspond to strain values of 0.01 and
0.30, respectively. Thus, the last fibre to yield occurred at the composite fracture
strain. The first fibre to rupture occurred at a strain value of 0.04, which lies
between the strain values corresponding to the yielding of the first and the last
fibre. Also, 61.9% of the fibres yielded; it was found that ry = 2.0 MPa. Not all
the fibres ruptures after yielding. We found that 92.9% of the yielded fibres
eventually ruptured; in other words, this is 57.5% of the total number of fibres.
Rupture of these fibres was found to occur at rr = 20.0 MPa.

However, for the compatibilized sample, the FR model predicts that the
yielding of the first and the last fibre correspond to strain values of 0.08 and 0.60,
respectively; again, the latter occurred at the composite fracture strain. In addition,
the first fibre to rupture occurred at a strain value of 0.36; this lies in between
the strain values corresponding to the yielding of the first and the last fibre.
The proportion of fibres which yielded is 61.3% which is close to that obtained for
the uncompatibilized sample; yielding was found to occur at ry = 10.0 MPa.
However, only 69.7% of the yielded fibres eventually ruptured; in other words this
is 42.7% of the total fibre. Here, the rupture of these fibres was found to occur at
rr = 44.0 MPa.

4.2 Fibre Structure

The distributions of q for the uncompatibilized and compatibilized samples are
shown in Fig. 8 The results from these samples reveal a slight skewness to the left,
suggesting that the q values are not normally distributed.
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In the case of the uncompatibilized sample, the spread of q values fall within
the range 25–56. The most frequent number of fibres corresponds to q * 41.

In the case of the compatibilized sample, the spread of q values ranges from 36
to 45. Here, the most frequent number of fibres in the compatibilized sample
corresponds to q * 40 which is not very different from the uncompatibilized
sample. Note that high temperature was used in the blending process [19]. If the
temperature was increased at a constant rate of 2�C/min from 270 to 300�C, Tan
et al. [21] found that the aspect ratio and length of the fibres in uncomptabilized
composites decreases steadily; at 295�C, the fibres were completely relaxed. In
contrast, no appreciable relaxation was observed in the fibres of the compatibilized
composites with increasing temperature. Thus, it is less energetically favourable
for the fibres in the compatibilized sample to relax [21]; this can be exploited to
modulate the q values by narrowing range of slenderness to encompassing a
desirable value (Fig. 8b).

The yielded fibres in the uncompatibilized and compatibilized samples are
identified by the distributions of fiber diameter shown in Fig. 9. The distributions

Fig. 7 Stress–strain relationships of (a) uncompatibilized and (b) compatibilized LCP-PC
composites. Here, arrows y1 and yN are used to indicate the first and last points on the curve
where fibre yielding occurs; arrow r1 indicates the point on the curve where the first fibre
ruptured

Fig. 8 Frequency distributions of fibre aspect ratio (q) from (a) uncompatibilised and
(b) compatibilised LCP-PC composites
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of the uncompatibilized and compatibilized samples, i.e. the spread of fibre
diameters and the profile of the distribution, are not quite the same as those of
Fig. 5a and b, respectively. In particular, for the uncompatibilized sample the most
frequent number of fibres for yielding corresponds to Df * 14 lm. For the
compatibilized sample the most frequent number of fibres corresponds to
Df * 3.3 lm. Within the range of fibre diameters shown in Fig. 9, it is observed
that the uncompatibilized sample results in a higher proportion of larger fibre
yielding; these are expected to correspond to the ones with globular structures
because these structures possess low aspect ratio and hence are not effective in
taking up stress from the PC matrix [9]. On the other hand, the compatibilized
sample results in a higher proportion of smaller fibre yielding; this is expected to
correspond to the ones with high slenderness because these structures are effective
in taking up stress from the PC matrix [9].

The distributions of fiber diameter associated with fractured fibres in the
uncompatibilized and compatibilized samples are shown in Fig. 10a and b,

Fig. 9 Frequency distributions of fibre diameter of yielded fibres in the (a) uncompatibilised and
(b) compatibilised LCP-PC composites

Fig. 10 Frequency distributions of fibre diameter of fractured fibres from (a) uncompatibilised
and (b) compatibilised LCP-PC composites
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respectively. Note also that the distributions of the uncompatibilized and com-
patibilized samples, i.e. the spread of fibre diameters and the profile of the dis-
tribution, are not quite the same as those of Fig. 9. Again, it is noteworthy to
emphasize that within the range of fibre diameters shown in the Fig. 10., in the
uncompatibilized sample, fracture occurs in a greater number of fibres with bigger
diameter (corresponding to globular structures). In the compatibilized sample,
fracture occurs in a greater number of fibres with the smaller diameters (corre-
sponding to high slenderness).

4.3 Fibre Modulus

The uncompatibilized sample exhibits a wide spread of Ef values ranging up to 5 9

108 Pa. The most frequent number occurs in the lower range up to 1 9 108 Pa; the
frequency value peaks at slightly less than Ef * 0.5 9 108 Pa. The compatibilized
sample exhibits a narrower spread of Ef values, i.e. ranging up to slightly more
than 12 9 107 Pa. The most frequent number occurs in the low to mid range from
4 9 107 Pa to slightly more than 8 9 107 Pa; the frequency value peaks at
Ef * 6.0 9 107 Pa.

Figure 12 shows that the values of Pf are greater than zero, indicating that both
compatibilized and uncompatibilized LCP-PC composites exhibit work hardening.
The uncompatibilized sample yields a wider spread of Pf values than the com-
patibilized sample. For the uncompatbilized sample, high frequency values are
confined to the lower range of Pf values up to 0.5 9 108 Pa; the highest frequency
value peaks at slightly less than 0.25 9 108 Pa. For the compatibilized sample,
high frequency values confined to within 0.6 9 107 to 1.0 9 107 Pa; the highest
frequency value peaks at slightly less than 1.0 9 107 Pa.

Fig. 11 Frequency distributions of fibre elastic modulus (Ef) from: (a) uncompatibilised and
(b) compatibilised LCP-PC composites
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5 Discussion

5.1 LCP-PC Interface

Achieving effective interfacial adhesion between the LCP and PC is key to
enhancing the mechanical properties. The LCP fibres that were considered in
this study may be regarded as two-phase structures of copolyesters of PHB with
PET [14]. In this respect, the PHB-PET copolyesters exhibit the following
amorphous phases: a PET-rich ‘‘flexible’’ phase and a PHB-rich ‘‘rigid’’ phase.
Going by this argument, it is speculated that the PET-rich phase, not the PHB-
rich phase, is miscible in PC (although further tests, using differential scanning
calorimetry, would be necessary to confirm this). This miscibility ensures that
the LCP crystallites, which act as a cross-link within the PC matrix, can provide
a more uniform reinforcement throughout the PC matrix. However, as these
cross-linking are thermally labile [3], we find relaxation of the LCP fibres
occurring within a high temperature environment that is close to its melting
point [21]. Introducing compatibilizer to the LCP-PC blend is intended for
enhancing interfacial adhesion; it also provides a way for tailoring the
mechanical properties. In the studies of Tan et al. [19–22], it is noteworthy to
point out that the compatibilizer were block or graft copolymers possessing
segments with chemical structures or solubility parameters that are similar to
those of the polymers being blended. Acting as polymeric surfactants, the
compatibilizer is able to reduce the interfacial tension, which in turn promotes
interfacial adhesion, leading to the formation of even more uniform distribution
of the dispersed LCP fibres [6]. Consequently an extensive dispersion of LCP
fibres and adhesion between LCP and PC lends to improvement in the
mechanical properties of the compatibilized blend [6, 7, 17].

Fig. 12 Frequency distributions of fibre plastic modulus (Ef) from (a) uncompatibilised and
(b) compatibilised LCP-PC composites

100 K. L. Goh and L. P. Tan



5.2 Failure of LCP Fibres

The FR model predicts that the yield and fracture stresses of LCP fibres are higher
in the compabilized sample as compared to the uncompatibilized sample. This
suggests that the average length of the polymer chains in the LCP fibres of the
uncompatibilized sample are shorter than those in the compatibilized since the
shorter ones in the former would be relatively more mobile, yielding a reduced
contribution to the fibre strength. Molecular alignment is an important factor in
LCP fibre formation [3]; improving molecular alignment is aided by the presence
of long polymer chains within LCP fibres which yields stronger dipole interaction
forces between side groups (when present) of the LCP fibres than hydrogen bonds
or van Der Waals forces [3].

5.3 Stiffening Mechanism

Predictions from the FR model show that the elastic modulus of the LCP fibres
from the compatibilized sample is smaller than those from the uncompatibilized
sample. This arises because there is a decrease in the crystallinity of the com-
patibilized fibre [3]. It may be said that the compatibilizer is acting like a plasti-
cizer. The plasticizing effect is attributed to the relatively smaller molecular size of
the compatibilizer (in comparison to the long polymering chains) located within
the LCP fibres; the smaller molecules from the compatibilizer are able diffuse into
the outer-most regions of the fibres more effectively than larger oness. Accumu-
lation of these molecules between the long polymeric chains leads to a net
repulsive force which draws the long polymeric chains further apart [3] and this
lowers the LCP fibre modulus. By the rule of mixture for modulus, it follows that
the modulus of the compatibilized LCP-PC composite (Fig. 7a) is smaller (hence
more flexible) than the uncompatibilized sample (Fig. 7b).

5.4 Structural Distribution of LCP Fibre

The FR model predicts that the underlying stress–strain profile of the compatibi-
lized and uncompatibilized samples is attributed to the bimodal fibre diameter
distribution. It is well-known in connective tissue study [15] that fibre diameter is
responsible for the toughening of the tissue. By an analogy to the argument set up
by Parry et al. [15], an explanation is provided here to address how fibre diameter
influences the strain energy density (equals to the area under the stress–strain
curve) and hence the profile of the stress–strain relationship. We speculate that the
early part of the stress–strain curve, from the toe up to the end of the linear region,
is attributed mainly to the recruitment of stubby fibres (of large diameter and short
length), especially those in the core regions. In the latter stages of the loading
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process, an increasing number of fibres with high slenderness (corresponding to
fibres small diameter with long axial length, especially in the skin regions) con-
tribute to the latter half of the linear part of the stress–strain curve. We also note
that the strain energy density of the compatibilized sample is larger than that of the
uncompabilized sample (Fig. 7). Thus, the larger toughness of the compatibilized
sample may be attributed to a higher number of fibres with high slenderness so that
more energy may be absorbed for fracturing these LCP fibres.

5.5 Stress Transfer Efficiency

Finally, this paragraph is intended to discuss the effectiveness of compatibilization
for stress transfer in the LCP-PC composite. In earlier sections, we have defined
the stress transfer ratio as a ratio, i.e. rf /s. Here, we will use the stress transfer
ratio of Eqs. 6 and 9 to predict the stress transfer efficiency in uncompatibilized
and compatibilized samples. To begin, we note that the Poisson’s ratios (tm) of PC
fall within [0.37, 0.38] and that of Em falls [2.0, 2.5 MPa] [3]. According to the
elastic constants relationship,

Gm ¼
Em

2½1þ mm�
; ð17Þ

we find that the value of Gm falls within [0.72, 0.91 MPa]. Now, an inspection of
Fig. 5. A reveals that the fibre diameters [ (1.0, 4.5 lm); the corresponding radii [
(0.5, 2.3 lm). Next, we define an upper and a lower limit for the values of the
inter-fibre distance, i.e. R, corresponding to 1.0 and 4.4 lm, respectively. Using
these data, the upper and lower limits of rf /s for the compatibilized and un-
compatibilized samples may be easily calculated using Eqs. 5 and 9; the results are
listed in Table 1. This simple calculation reveals that compatibilization improves
the stress transfer from PC matrix to LCP fibres.

6 Conclusions

Using a novel FR computer model, we have investigated the effects of compati-
bilization on the microstructure-property relationship in LCP-PC composites.
Here, the focus is on the recruitment, pull-out and rupture of LCP fibres and LCP-

Table 1 Upper and lower limits of stress transfer ratio (rf /s) for uncompatibilized and com-
patibilized composites

Lower limit of rf /s Upper limit of rf /s

Uncompatibilized 50 112
Compatibilized 769 192
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PC interfacial failure. The model represents a parallel array of LCP fibres, of
differing lengths and diameters to account for the natural variation, embedded in
PC matrix. When an increasing external load acts on the composite, the fibres are
recruited in tension. Initially, these fibres undergo linear elastic deformation. At a
certain higher applied load, a fraction of the fibres yields and undergoes plastic
deformation; eventually, a fraction of these fibres fractures.

The FR model was used to evaluate the macroscopic structural and material
properties of the fibre, namely Df, q, Ef, Pf, ry and rr. A simulated annealing
approach was used to fit the FR model to experimental stress–strain data obtained
from earlier reports on compatibilized (i.e. by catalytic transesterification) and
uncompatibilized LCP-PC composite tensile bars.

The FR model predicts that

1. 63% of the fibres in the compatibilized sample undergo yielding but only 50%
of the total number of fibres eventually rupture;

2. while the proportion of yielded fibres in the uncompatibilized sample are
similar to that of the compatibilized sample, a higher proportion of the fibres
eventually rupture (56%) in the uncompatibilized sample;

3. although the fibres in the compatibilized sample possess values of Ef that range
from 50 to 100 MPa, those from the uncompatibilized sample feature a wider
spread of Ef values (encompassing that of compatibilized specimen);

4. the uncompatibilized sample suffered from more extensive work hardening (i.e.
the slope after yield point was non-zero) than the compatibilized sample.

The predictions from the FR model were used to evaluate the mechanism of
stress transfer between the LCP fibres and PC matrix. It is revealed that the stress
transfer ratio from the matrix to the fibre in the compatibilized sample is higher
than that from the uncompatibilized sample.

Thus, the role of compatibilization is multi-functional:

1. it enhances the stability of the LCP fibre against thermal relaxation, yielding
fibres with controllable aspect ratios;

2. it increases the interfacial adhesion and miscibility between the LCP and PC
components;

3. it modulates the polymer chain length of the fibres, producing fibres with high
yield and rupture stresses;

4. it modulates the crystallinity of the fibre, producing fibres that are highly
flexible than those of the uncompatibilised blend.
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Appendix

Figure A.1 illustrates the fibre-recruitment (FR) algorithm that was developed to
evaluate the stress transfer mechanism in the polycarbonate (PC) matrix reinforced
by liquid crystalline polymeric (LCP) fibres. The FR algorithm comprises two
processes, namely the linear least-square fitting process and the simulated
annealing process. The former is needed to fit a user-defined n-order polynomial
equation to the stress–strain data points starting from the origin and ending at the
point of fracture. The equation is used to determine the number of strain intervals
(m) between the origin and the point of fracture. The simulated annealing process
(Sect. 3.2) oversees to two for-loops, namely for-loop #1 and #2. For-loop #1
directs the ‘stretching’ simulation by incrementally increasing the strain in the
composite from zero until the last strain point. For-loop #2 checks the stress in
every fibre using Eqs. 14 and 16 by taking into account the strain in the composite.
Thus, within for-loop #2, there are two if–then statements, namely if–then #1 and
#2. If if–then #1 is true, it attempts to model the stress in the fibre by a linear
interpolation approach between the yield and rupture points. Otherwise, it pro-
ceeds to if–then #2. If if–then #2 is true, the fibre is regarded as ruptured.
Otherwise, it presumes that the stress in the fibre is within the elastic limit and
hence attempts to model the stress in the fibre by a linear interpolation approach
between the origin and the yield point.

Fig. A.1 The fibre-recruitment (FR) algorithm
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Moisture Absorption Effects
on the Resistance to Interlaminar
Fracture of Woven Glass/Epoxy
Composite Laminates

X. J. Gong, K. J. Wong and M. N. Tamin

Abstract The influence of moisture absorption on the interlaminar fracture
behaviour of 8/8 harness satin weave glass/epoxy composite was investigated.
Two series of specimens with 0�/0� and 90�/90� predominant interfaces immersed
in water for different duration were tested under double cantilever beam (DCB
mode I), single leg bending (SLB mode I ? II) and end notched flexural (ENF
mode II) loadings. In general, the apparent flexural modulus: E, and the fracture
toughness: GC, decrease with increasing moisture content. This effect is more
remarkable if mode II participation is bigger. The value of GC measured on
90�/90� specimens reveals higher than that on 0�/0� ones, but the variation in GC is
inversed under ENF loading. The experimental results have been correlated with a
criterion previously proposed by the first author expressed by: GTC ¼ GICþ
ðGIIC � GICÞ GII

GIþGII

� �m
. A good agreement is shown with m = 2/3 at all moisture

contents and interfaces. Regarding the R-curves under DCB loading, water
absorption leads to a higher rate of increment in the resistance in the early crack
growth. However, the maximum of the resistance to the crack growth decreases
with the moisture content.
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1 Introduction

In recent decades, there is a rapid growth in the use of fibre reinforced polymer
(FRP) composites in advanced applications such as aerospace, aeronautics, auto-
mobile and marine industries. The major advantages of polymeric composites
include high specific stiffness and strength. However, the structures in composite
laminate have comparatively lower interlaminar strength; delamination is gener-
ally recognised as one of the most common and early detected damage mechanism.
Moreover, composite structures are usually subjected to different thermal and
moisture environments. The environmental effects could alter the properties of the
matrix and the fibre–matrix interface [1], and hence the performance of the
composites in terms of strength, stiffness and also damage progression, in par-
ticular, the reduction of the resistance to interlaminar fracture has been shown
significant. Besides, the difference in the thermal and moisture expansion coeffi-
cients between the constituents of the composite induce additional internal stres-
ses, which have to be superposed to the mechanical applied stresses, and therefore
vary the behaviour of fibre–matrix interface. Consequently, it is of great impor-
tance for better understanding the effects of these factors, which have to be
included in the design to predict correctly the lifetime of the composite structures.

Based on fracture mechanics approach, the resistance of composites to
delamination is usually characterised by the fracture toughness for the crack
initiation, in terms of the critical strain energy release rate, GC, and by the R-curve
for the crack propagation. It is shown dependent not only on environment con-
ditions, but also on loading mode.

Zenasni and his co-workers studied the effects of hygrothermal and hygro-
thermomechanical on the fracture resistance of woven fibres (2/2 twill glass,
8-harness satin glass and 8-harness satin carbon fibres) reinforced polyetherimide
(PEI) composites under double cantilever beam (DCB) mode I and end notched
flexure (ENF) mode II loadings [2]. Specimens were aged at 0, 30, 60, 120 and
180 days and then tested at constant temperature and given relative humidity.
Results showed that with moisture exposure up to 180 days, the GIC values for 2/2
twill glass and 8H satin carbon fibres reduced, but remained nearly constant for 8H
satin glass fibre case. Regarding the value of GIIC, at the end of the ageing,
reduction was observed for 2/2 twill glass and 8H satin carbon fibres; on the
contrary improvement was found for 8H satin glass fibre composite.

In the studies of Huang and Sun [3], the effects of moisture absorption in
2-layer glass fabric reinforced unsaturated polyester composites were investigated
at different durations of immersion. The peeling strength of the composites was
found increasing with the immersion time up to 14 days. It is believed that the
water molecules seeped into the cracks and voids of the laminates so as to enhance
the peeling resistance. Another recent research has investigated the delamination
behaviour of carbon/epoxy composite reinforced by thermoplastic particulate [4].
Both dry and wet specimens were tested at low, room, elevated and high (for dry
specimens only) temperatures. The specimens were tested using DCB, ENF and
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single leg bending (SLB) tests. Results indicated that temperature and moisture
absorption enhanced the ductility of the matrix, where mode I fracture toughness
was improved. However, adverse effect was found on mode II fracture resistance.
The mixed-mode fracture toughness increased with moisture but decreased with
temperature.

In order to improve delamination behaviour of carbon/epoxy laminates under
environment conditions, Walker and Hu [5] proposed to introduce Short Fibre
Reinforcement (SFR) into the delamination region. It is shown that the use of SFR
enhanced the interlaminar bonding under DCB loading. The improvement of
fracture toughness was observed not only for dry specimens, but also for hot/wet
specimens. In some cases, the fracture toughness of hot/wet specimens was higher
than the dry ones.

Furthermore, it has also been reported that delamination behaviour depends on
the fibre orientation of adjacent layers to crack plane. It was indicated that adjacent
ply orientations of 0�, 15�, 30� and 45� induced different fracture surface mor-
phology, and thus varied the fracture resistance of the composites [6–9]. However,
the trend was not conclusive, as the fracture toughness could be increasing [10],
decreasing [11] or even invariable [12]. Gong et al. studied the effects of the
stacking sequence, dimensions of specimens and adjacent as well as sub-adjacent
fibre orientations on the mode I fracture toughness of glass and carbon/epoxy
composites [13]. Results revealed significant influence of these parameters on GIC.
In another research, the effects of moisture concentration and edge finishing type
on tensile fracture strength were investigated by testing the specimens having the
same thickness and three different quasi-isotropic (QI) stacking sequences in
carbon/epoxy [14]. It was shown that the stacking sequence has less effects on the
moisture absorption process. However the reduction in the tensile fracture strength
due to moisture absorption was found evident because of interface degradation.

Regarding the crack propagation, the R-curve describes the variation of the
resistance to delamination as a function of the stable crack growth. Under DCB
mode I loading, a steep increase of strain energy release rate, Gp, is usually
observed in the early crack growth from film insert [11, 14, 15]. And then, the
value of Gp tends to a stable level as the crack propagates in a local unstable stick–
slip manner. Sometimes in multidirectional (MD) specimens, R-curves increase
continually with the crack growth for a long time; the crack was jumping from one
interface to another, where different morphology of fracture surface was observed
[7, 8]. In this case, the crack would be loaded under a mixed-mode condition.
In general, such R-curves are of great importance to characterise the crack growth
behaviour, but their dependence on specimen geometry and stiffness was often
indicated. Consequently, it would be difficult to consider R-curves as intrinsic
material properties if the tests are not standardised. Under ENF mode II loading,
the crack propagation is often too rapid to obtain the R-curve.

The objective of this study is to investigate the effects of moisture absorption on
the delamination behaviour of woven glass/epoxy composites. Specimens at dif-
ferent moisture contents were studied through DCB, ENF and SLB testing to
obtain pure mode I, pure mode II and mixed-mode I ? II fracture resistances,
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respectively. SLB test has the advantage over mixed-mode bending (MMB) test
that fracture toughness can be obtained directly from the experimental data using
compliance calibration method [5]. In order to investigate the effects of the
orientation of adjacent fibres on the interlaminar fracture behaviour, two series of
specimens were prepared with 0�/0� or 90�/90� predominant fibre interface along
the plane of the initial crack which was introduced at mid-thickness of specimens.
The discussion concerned is not only on the fracture toughness for the crack
initiation, but also on the R-curve under DCB loading for the crack propagation.

2 Experimental Details

The material used in this study was E-glass balanced fabric (8/8 h satin-weave)
impregnated with XE85 epoxy (Ref: 1037/1250EP/XE85AI/35%, Hexcel). Lam-
inates were fabricated from 8 prepreg layers cured at 120�C for 2 h at pressure of 3
bars (300 kPa). The thickness of the laminates was about 3 mm and the percentage
of fibres was approximately 65% by weight. To initiate the pre-crack, a layer of
Teflon film at thickness of approximately 15 lm was inserted at mid-thickness
during the lay-up. In an eight-harness satin weave fabric, if warp strands are the
predominant fibres on one face, then weft strands will be on another face (Fig. 1a).

Fig. 1 a Schematic diagram of 8/8 harness satin-weave fabric; b Lay-up configuration for a 0o/0o

and b 90o/90o predominant interface
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In order to study the effects of predominant fibre orientations of adjacent plies
on the fracture toughness, two different types of laminates were fabricated.
For the first type, the initial crack would propagate between 0�/0� predominant
fibre interface; and for the second type, the crack propagation would be between
90�/90� (Fig. 1b). These specific lay-ups lead to symmetric configuration
not only for the whole laminate, but also for each arm separated by the
initial crack.

After fabrication was completed, the laminates were cut into testing coupons at
dimensions of 100 9 20 9 3 mm3 by using diamond-coated abrasive blade.

For moisture absorption test, before being immersed into distilled water at
atmospheric pressure and at the temperature of 72�C, laminates were dried in an
oven at 70�C for 24 h to obtain the dry weight. Regularly, the specimens were
taken out and wiped to remove the excessive water from the surface. After that,
weight gain of the laminates was carefully measured over the testing period as a
function of immersion time using an electronic balance with accuracy up to 1 mg.
There were three immersion periods: 0 (dry), 60 and 118 days. The moisture
content absorbed by the specimen, M is expressed as:

M ¼ weight of specimen � weight of dry specimen

weight of dry specimen
� 100% ð1Þ

At each level of moisture exposure period, the specimens were tested under
double cantilever beam (DCB mode I), single leg bending (SLB mode I ? II) and
end notched flexural (ENF mode II) loadings (Fig. 2). All tests were performed at
a constant crosshead speed of 1–3 mm/min at room temperature. For each mois-
ture content and test configuration, at least six specimens of different initial
crack length were loaded up to the crack extension. The measurement of the
slope of load–displacement curve of each specimen provides the information
necessary to calibrate the compliance as a function of the initial crack length
experimentally.

Fig. 2 Specimen test
configurations of a DCB,
b SLB, and c ENF tests

Moisture Absorption Effects on the Resistance to Interlaminar Fracture 111



2.1 Data Reduction Methods

2.1.1 Experimental Compliance Calibration

The delamination toughness in terms of the critical strain energy release rate
(CSERR), GC can be determined from the general relationship:

GC ¼
P2

C

2b

dC

da
; ð2Þ

where PC = critical load corresponding to crack initiation; b = width;
C = compliance and a = initial crack length.

If the specimen maintains a constant fracture mode during crack propagation,
the compliance, C can be calibrated experimentally as a function of the initial
crack length. It can be done by measuring the slope of the linear part from the
load–displacement curve, noted k, and the inverse of the slope gives the compli-
ance for each specimen at different initial crack length. Then, the values of the
compliance are interpolated as a function of crack length. Empirical compliance
calibrated models proposed in the literature can be expressed by:

Cexp 1 ¼ Aþ Ba3; ð3Þ

Cexp 2 ¼ aan; ð4Þ

where A, B, a and n are constants to be determined empirically. Substituting Eq. 3
or 4 into Eq. 2 gives the following expressions:

GC exp 1 ¼
P2

C

2b
� 3Ba2; ð5Þ

GC exp 2 ¼
P2

C

2b
� anan�1; ð6Þ

It is noted that Eq. 5 can be applied to the different fracture modes whereas
Eq. 6 is only used for the DCB case. Figure 3 shows an example of the experi-
mental calibration curves for DCB specimens.

These models were also applied to the crack propagation so as to determine ap,
defined as effective crack length as the crack grows and GP, the strain energy
release rate corresponding as following:

ap ¼
Cp � A

B

� �1
3

;Gp ¼
P2

p

2b
� 3 � B � a2

p ð7Þ

ap ¼
Cp

a

� �1
n

; GP ¼
P2

p

2b
� a � n � an�1

p ð8Þ

where Cp and Pp signify the measured specimen compliance and the load corre-
sponding to an effective crack length ap.
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Then R-curves can be obtained in order to investigate the behaviour of crack
propagation. In our work, the increment of the resistance relative to the fracture
toughness, defined as dR = GP - GIC, will be plotted as a function of the
extension of the crack: da = aP - a, where a is initial crack length.

2.1.2 Beam Theory

In the case of DCB pure mode I tests, the compliance model based on the simple
beam can be written as

C ¼ 8a3

Ebh3
; ð9Þ

where h is the thickness of one arm of the DCB specimen and E is the apparent
Young’s modulus. The determination of the value of E at a specified moisture level
is based on Eq. 9 and the measurement of specimen stiffness, k as described above:

E ¼ 8a3

bh3
� k; ð10Þ

By expressing the derivative dC/da in terms of C, and substituting into Eq. 2,
the following equation is obtained:

GIC ¼
12P2

Ca2

Eb2h3
¼ 3P2

C

2abk
; ð11Þ

During stable crack propagation, this model conduces to following expressions
for determining apand GP, which are defined as effective crack length and the
strain energy release rate during the crack propagation, respectively:

ap ¼
Ebh3Cp

8

� �1
3

;Gp ¼
12P2

p

Eb2h3
a2

p ð12Þ

C= 4.1312a3-1.3676
R²= 0.998 9
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Fig. 3 Interpolation of the measured compliances obtained from the DCB-dry (90�/90�)
specimens using a Eq. 3, and b Eq. 4
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For ENF pure mode II tests, in the same manner, the expressions for E and GIIC

can be calculated as:

E ¼ 3a3 þ 2L3

8bh3
� k ð13Þ

GIIC ¼
9P2

Ca2

16Eb2h3
¼ 9P2

Ca2

2bð3a3 þ 2L3Þk ð14Þ

where L is the half span length of the specimen.
In fact, the loading of SLB specimens can be considered as a combination of

symmetrical and anti-symmetrical ones corresponding to mode I (DCB) and
mode (ENF) cases respectively, where the mixed-mode ratio is estimated to be
GII/GT = 3/7. The expressions used to determine E and the total critical fracture
toughness, GTC can be reduced as

E ¼ 7a3 þ 2L3

8bh3
� k ð15Þ

GIC ¼
3P2

Ca2

4Eb2h3
;GIIC ¼

9P2
Ca2

16Eb2h3
and GTC ¼ GIC þ GIIC ¼

21P2
Ca2

16Eb2h3
ð16Þ

3 Results and Discussion

3.1 Moisture Absorption

Figure 4 shows the change in moisture content as a function of the square root of
immersion time. One-dimensional diffusion process is assumed because the in-
plane dimension of specimens is much more important than the thickness.
According to Fick’s law [17]:

M ¼ Mm 1� 8
p2

X1
j¼0

exp �ð2jþ 1Þ2p2 Dt
h2

� �h i

ð2jþ 1Þ2

8<
:

9=
; ð17Þ

The diffusion coefficient of the composite, D is determined experimentally as
2.24 9 10-8 mm2/s with the maximum moisture content, Mm = 3% by the fol-
lowing equation

D ¼ p
h

4Mm

� �2 M2 �M1ffiffiffiffi
t2
p � ffiffiffiffi

t1
p

� �2

ð18Þ

Besides, Fig. 4 depicts a good fit of the experimental data with the Fickian
diffusion curve in the linear region, which confirms the applicability of the Fickian
model on these materials. Also, the moisture absorption is insensitive to fibre
orientation, which conforms the finding by Candido et al. as well [14].
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From Fig. 4, it is observed that the moisture content increases linearly at the
initial stage. This suggests that the water build-up is diffusion controlled.
According to some researchers, water is penetrated into the hydrophilic sites of the
matrix as the consequence of capillarity due to the difference in the moisture
concentration [4, 18]. In addition, moisture could be absorbed through micro-
channels network along the imperfect interface, as proposed by Tsenoglou et al.
[19]. According to Cunha et al. [20], microcracks and voids are believed to con-
tribute in moisture transport as well. Beyond the linear region, the increment rate
decreases gradually. Costa [21] suggests that this is the pseudo-equilibrium state,
where polymeric chain relaxation is believed to have started. In this study, com-
plete saturation is not yet reached. Extension in moisture exposure period is
needed if necessary.

3.2 Effects of Moisture Content on Flexural Modulus

For all three test configurations, the apparent flexural modulus can be determined
from the measurement of the stiffness of each specimen as described above.

Figure 5 represents experimental load–displacement curves for three ENF
specimens having the same dimension at different moisture content. It is evident
that the stiffness of the specimens as well as the critical load at which the crack
extension is initiated decrease with the moisture content.

Table 1 presents the average loss of the apparent flexural modulus relative to
dry specimens due to moisture exposure. Results reveal that in general the
apparent flexural modulus decreases with the increment in moisture content
except for the cases of 90�/90� specimens under SLB and ENF testing. The high
moisture content results in more than 20% loss in modulus; however, this loss is
not linearly related to the moisture content. Reduction in tensile, compressive
and flexural modulus due to moisture exposure was also reported elsewhere
[18, 20, 22, 23].
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Degradation in the flexural modulus is believed to be mainly contributed by
matrix and fibre/matrix interface degradation. As proposed by some researchers,
hydrolysis separates the unsaturated groups in the polymer chains apart and
weakens the interface [24–27]. Besides, in the work of Tompkins [28], it is
indicated that as the outer most layer of the composite is directly exposed to
moisture, swelling occurs. However, the inner layers which are still dry impose
constraint to the swelling effect. Hence, additional hygroscopic stress is induced.
Biro et al. [29] also suggested that matrix swelling could have released the radial
pressure partially, thus weakening the interfacial bonding. Also, as moisture
pickup rate in the epoxy is higher than the fibre, moisture mismatch occurs. This
leads to different volumetric expansion between both constituents, hence causing
variation in the local stress, as discussed by Mula et al. [30]. These additional
dilatational stresses do not favour the mechanical performance of the composites.
Internal stress could stretch the fibres and lead to high level of straightening, which
endanger the entire composite. Kalfon et al. [18] mentioned that the stress vari-
ation due to moisture gradient could subsequently lead to delamination due to
micro-damage formation.

In addition, the loss in modulus after immersion could be attributed to matrix
plasticisation as well. As water which acts as plasticiser penetrated into the matrix,
the ductility of the matrix is enhanced. Consequently, the matrix becomes softer
and hence the modulus decreases, which is as discussed by Kalfon et al. [20].
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Table 1 Normalised flexural modulus obtained from DCB, SLB and ENF tests

DCB SLB ENF

E/Edry 0�/0� 90�/90� 0�/0� 90�/90� 0�/0� 90�/90�
M = 1.59% 0.87 0.76 0.90 0.78 0.89 0.77
M = 2.24% 0.71 0.68 0.73 0.82 0.75 0.85
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3.3 Comparison of Data Reduction Models

Table 2 displays the GIC results for all DCB specimens. GICexp1, GICexp2 and GIC-

BT are obtained by applying Eqs. 5, 6 and 11 respectively. A good agreement
between them is shown and the maximum difference is within ±10%. Hence, the
compliance calibration can be done by choosing any one of them.

Regarding the crack propagation, Fig. 6 gives an example of R-curves obtained
by three models Eqs. 7, 8 and 12 for the dry 0�/0� specimen with the initial crack
length of 32 mm. Although there is no significant difference between theses data
reduction models, the results obtained by Eq. 7 and Eq. 12 look very close but
lower than those obtained by Eq. 18. This observation is true for all of the DCB
specimens tested.

The same conclusion is drawn for SLB and ENF specimens by comparing
GCexp1 and GC-BT. Since the experimental calibration described by Eqs. 5 and 7
take into account the experimental factors and is universal form for all tests, only
the results obtained from Eq. 5 and Eq. 7 are used for discussion in the following.

3.4 Effects of the Predominant Fibre Orientation
of Adjacent Plies on Fracture Toughness

The results of fracture toughness obtained from the specimens with crack growth
between 0�/0� and 90�/90� fibre interfaces are compared in Fig. 7.

Table 2 Critical energy release rate obtained from DCB tests

DCB test 0�/0� 90�/90�
GIC (J/m2) EXP1 EXP2 BT EXP1 EXP2 BT
Dry 307.5 315.4 292.5 407.0 399.8 368.8
M = 1.59% 231.4 242.0 253.4 355.8 333.9 320.2
M = 2.24% 255.3 267.6 258.5 288.1 283.8 274.1
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It is shown that under DCB pure mode I and SLB mixed-mode I ? II loadings, the
resistance to crack initiation of 90�/90� specimens is better than that of 0�/0� spec-
imens at any moisture content. The difference is more considerable in DCB tests.
However, an inverse influence of predominant fibre orientation is observed for pure
mode II case except at the moisture content of 2.24%. In fact, the effect of fibre
orientation is believed relative to the interface behaviour. The results obtained on
0�/0� interface specimens reveal that the shear strength of interface seems more
sensitive to the interfacial degradation caused by water absorption than peel strength.
If the crack propagates between 0� fibre interfaces is considered dominated by peel
strength under DCB loading, by shear strength under ENF loading, but the crack
growth between 90� fibre interfaces could be more complicated, because the inter-
facial cracking around the fibres can be developed much more in the circumferential
direction. Herein, the shear strength of interface plays a role even under DCB
loading, and the peel strength influence the fracture toughness under ENF loading as
well. In reality, the fracture mode is rather mixed at the interface between fibres and
the matrix. This phenomena can explain why the toughness ratio of pure mode II over
pure mode I, in terms of GIIC/GIC, is more important in 0�/0� specimens than that of
90�/90� ones whatever the moisture content M (Fig. 8). This difference decreases
with increasing M and it disappears when M = 2.24%.

3.5 Effects of the Moisture Content
on the Fracture Toughness

Table 3 illustrates the loss of fracture toughness due to moisture absorption rela-
tive to dry specimens, which is found significant. In general, the value of GC

decreases with the increment of the moisture content regardless of the loading
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mode and the predominant fibre interface except DCB 0o/0o specimens. The
general observation is that for both types of predominant fibre orientations, more
important the contribution of mode II is, more significant the effect of moisture
absorption on the fracture resistance. In the case of crack growth between 0�/0�
fibre interfaces, the reduction in fracture toughness attained to 55% under ENF
pure mode II loading.

The reduction in fracture toughness due to moisture absorption is believed to be
caused by matrix or/and interfacial degradation as discussed previously. This effect
was also reported by Scida et al. [32]. The increase of GC observed in the work of
Buehler and Seferis [33] could be due to plasticisation by water that enhances the
matrix ductility. Furthermore, some authors reported that as the immersion period
is longer, more voids are formed and the matrix becomes more porous. Conse-
quently, crack tip blunting occurs, where the crack tip radius is increased and stress
concentration at the crack tip is partially released [5, 34]. Hence, this favours the
mode I fracture toughness. However, in our study, it is noted that even the GIC at
M = 2.24% is still lower than the dry one, which draws the general conclusion that
moisture is harmful to the delamination behaviour of the composite.

Otherwise, the toughness ratio: GIIC/GIC, decreases with increasing moisture
content M (Fig. 8). It is well known that this ratio depends strongly on the brit-
tleness of matrix: GIIC/GIC can attain more than twenty in the case of brittle matrix,
whereas it can be equal to 1 if matrix is very ductile. Hence, it seems that the water
acts as plasticiser on the matrix, which becomes more ductile [18].

Table 3 Normalised fracture toughness GC/GCdry obtained from DCB, SLB and ENF tests

DCB SLB ENF

GC/GCdry 0�/0� 90�/90� 0�/0� 90�/90� 0�/0� 90�/90�
M = 1.59% 0.75 0.87 0.73 0.65 0.65 0.73
M = 2.24% 0.83 0.71 0.63 0.60 0.45 0.60
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3.6 Variation of Fracture Toughness as a Function
of Mixed-Mode Ratio

In Fig. 9, the values of fracture toughness are plotted as a function of the mixed-
mode ratio, GII/GT. The increment of fracture toughness with the mixed-mode ratio
is evident in all cases, which corresponds well to the general conclusions found in
the literature [5, 35].

A mixed-mode criterion proposed by Gong et al. [35, 36] assumes that:

GTC ¼ GIC þ ðGIIC � GICÞ
GII

GI þ GII

� �m

ð19Þ

where m is the material constant and has to be determined empirically. This
criterion was then applied by Benzeggagh and Kenane, named BK criterion in the
literature [37]. Figure 10 compares the measured GTC values for SLB specimens
with those predicted by Eq. 19 using m = 2/3. A good agreement is shown for the
majority of the cases. It is interesting to note that although the values of GIC and
GIIC decrease with the moisture absorption, the material constant, m does not
appear sensitive to moisture exposure.

3.7 R-curves Obtained from DCB Mode I Specimens

Under DCB loading, as an example, Fig. 11 compares the load–displacement
curves obtained from the 0�/0� as well as 90�/90� specimens at different moisture
contents. Here the specimens have the initial crack length about 23 mm and the
departure of displacements of the specimens is shifted of 5 mm one from another
to give a clearer view. It is seen that whatever the moisture content, the resistance
to delamination is better in 90�/90� specimens than 0�/0� ones. Otherwise, all
curves evolve in nearly the same way: at the beginning, the force increases linearly
until the critical load, where the crack initiation occurs; and then the crack grows
slowly as load increases up to the peak load, herein the first local instable crack
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propagation is observed accompanied by a load drop. After that, the load decreases
progressively as the crack propagates in stick–slip manner for a long time.

The R-curve describes the variation of the resistance to delamination as a
function of the crack extension. As an example, Fig. 12a presents the crack
behaviour of the wet specimens (4 months immersion in water) with 0� predom-
inant fibres at interface. The increment of the resistance to crack growth for each
specimen is normalised by its own fracture toughness so as to eliminate the scatter
of GIC between tests. All specimens are considered the same geometry except of
the initial crack length. It is shown that the R-curves are indeed independent of the
initial crack length by taking into account the dispersion of the results. For a
composite system, the dispersion of experimental results is usually large and
inevitable due to many defects within the material. Even for two specimens with
the same dimensions, their normalised R-curves can be quite different (Fig. 12b).

It is seen that the resistance to delamination growth for all specimens tested
increases steeply and linearly with the crack extension in the first time. This
phenomenon results in damage mechanisms in the zone around the crack tip such
as plastic deformation in resin; fibre bridging and breaking; multiple cracking and
crack shifting. Then the rate of increment in resistance becomes slower and slower
with unstable stick–slip crack , which can be explained by the development of the

0

100

200

300

400

500

600

700

dry M= 1.59% M= 2.24% dry M= 1.59% M= 2.24%

°09/°09°0/°0

C
ri

ti
ca

l f
ra

ct
ur

e 
en

er
gy

 r
at

e 
(J

/m
2 
) 

Criterion with m=2/3 Measured
Fig. 10 Comparison
between the measured GTC

values and the predicted
values by the criterion with
m = 2/3 for SLB specimens

0

10

20

30

40

50

60

70

80

0 5 10 15 20 25 30 35

Displacement (mm)

L
oa

d 
(N

)

DCB 0°/0° dry DCB 0°/0° 2M DCB 0°/0° 4M

DCB 90°/90° dry DCB 90°/90° 2M DCB 90°/90° 4M

a 23mm

Fig. 11 Load–displacement
curves of DCB tests at
different moisture content and
predominant fibre orientation

Moisture Absorption Effects on the Resistance to Interlaminar Fracture 121



large scale bridging and its breakage [16] and the bridging fibres could be inter-
locked and then broken or peeled at the weft/warp intersections. As soon as the
formation of fibre bridging creates a balance with the fibre breaking, the resistance
to crack growth attains a stable level, noted GIR.

In order to obtain a representative R-curve for a testing configuration, all results
have to be taken into account. It seems that the normalised R-curves can be
divided into linear and nonlinear regions (Figs. 5 and 12). Hence, each region has
to be modelled by using different equation. We propose to use a linear equation for
the first region and a non-linear equation for the second region:

dR

GIC
¼ a1 þ b1ðdaÞ ð20aÞ

dR

GIC
¼ a2 þ b2

1
da

ð20bÞ

where ai and bi are the constants fitted from the experimental results. The results
show good correlations between the experimental data and the results obtained
from the proposed models (Fig. 13).
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In this manner, the experimental results of at least three specimens with
different initial crack lengths have been exploited to fit each normalised R-curve.
Then, all R-curves can be obtained by multiplying the fitted normalised
R-curves by its own fracture toughness, respectively. Figure 14 compares all of the
R-curves measured on 0�/0� and 90�/90� DCB specimens at different moisture
contents.

It is revealed that at all moisture content the resistance to delamination prop-
agation, in terms of (Gp -GC), is always better in the 90o/90o specimens than 0�/0�
ones. In fact, the mechanism of crack propagation between 0� or 90� fibre inter-
faces is quite different.

In the specimens with crack propagation between 90� predominant fibres, a lot
of weft strands peeled off from the edges of the specimen. This phenomenon
leads to the rapid formation of fibre bridging in the transverse direction so as to
provide greater slope of the linear part of the R-curve, which represents the
resistance increment per unit of crack extension. The higher the moisture content
is, more degradation in the interface, the greater the slope. Regarding the maxi-
mum of the resistance to delamination growth at stable level, named GIR, at
90�/90� interface, the effect of moisture content is inversed. The value of GIR

decreases with the increasing of the moisture content. That means the quantity of
the fibre bridging at the stable level of the resistance could become smaller in wet
specimens than that in dry specimens.

In the cases of the crack growth between 0� predominant fibres, the fibre
bridging in the longitudinal direction at the crack tip looked more extended
whereas less fibre peeling from the edges of the specimens was observed. The
slope and the value of GIR are much lower than those with 90� fibre interface.
However, their variation as a function of the moisture content follows the same
tendency than that of 90�/90� specimens except the case of the specimens at
M = 1.59%. In fact, as great dispersion of the R-curves obtained from these
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specimens was found, only the results obtained from three specimens have been
used to fit its R-curve.

Our observation is in good agreement with that of Gill et al. [31] on woven
carbon/epoxy composite. It is not only reported that the GIC value obtained from
the specimens with 0o/90o interface is 60% higher than that from 0o/0o specimens,
but the interlocking of the bridging fibres at the warp/weft intersections during the
crack extension was observed as well. This phenomenon resulted in the retardation
of the crack growth.

In conclusion, the degradation of fibre-matrix interface caused by water
absorption accelerates the formation of fibre bridging beyond the crack tip in the
early crack growth, hence leads to higher rate of increment in the resistance.
However, the quantity of the fibre bridging decreases with the moisture content at
the stable level of the resistance to delamination. The increment of the resistance
to delamination growth is always higher in the 90o/90o specimens than that in the
0o/0o ones at all moisture contents.

4 Conclusions

Interlaminar fracture toughness in mode I, mixed-mode I ? II and mode II of
woven glass/epoxy composites subjected to different moisture absorption were
examined experimentally. Based on the results obtained, it can be concluded that:

1. The moisture absorption of 8/8 h satin weave glass/epoxy composites can be
well described by Fick’s law.

2. The GTC values obtained from the models based on simple beam theory and
experimental compliance calibration are found to be similar.

3. The apparent flexural modulus: E, and the fracture toughness: GC decrease with
the increment of moisture content. The maximum reduction of E and GC is
found to be about 20% and 50%, respectively.

4. For both of 90o/90o and 0o/0o specimens, the influence of moisture absorption
on the delamination behaviour of the composites becomes more significant if
the participation of mode II is more important. Moreover, the toughness ratio:
GIIC/GIC, decreases with increasing moisture content, its reduction is more
remarkable if the crack grows between 0�/0� interface than that between
90�/90� interface.

5. Under pure mode I and mixed-mode I ? II loadings, the fracture toughness
measured at 90�/90� interface is greater than that at 0�/0� interface. However,
an inverse effect is shown in pure mode II case.

6. A mixed-mode criterion described by the equation :GTC ¼ GIC þ ðGIIC � GICÞ
GII

GIþGII

� �m
with m = 2/3 agrees well with the experimental results regardless the

moisture content and the adjacent fibre direction. It means that although the
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values of GIC and GIIC decrease with the moisture content, the material constant
m seems to be independent of water absorption.

7. Regarding the behaviour of the crack growth, the increment of the resistance to
delamination growth is always higher in the 90o/90o specimens than that in the
0o/0o ones at all moisture contents. The degradation of fibre/matrix interface
caused by water absorption accelerates the formation of fibre bridging beyond
the crack tip in the early crack growth, hence leads to higher rate of increment
in the resistance. However, the quantity of the fibre bridging decreases with the
moisture content at the stable level of the resistance to delamination.
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The Study of Response of High
Performance Fiber-Reinforced
Composites to Impact Loading

O. Saligheh, R. Eslami Farsani, R. Khajavi and M. Forouharshad

Abstract There are numerous applications for high impact resistant fiber-
reinforced composite especially in aerospace, automotive, marine, and military
fields. Impact damages of foreign objects on composite structures is of great
importance, because may severely reduce their strength and stability. These
impacts are ranging from low speed impacts like dropping of a tool to high speed
impacts when small sands or debris throw away by aircraft tires. This research
focuses on fiber reinforced composites, impact tests, failure modes and damage
propagation through the composite during destructive impact load.

Keywords Fiber-reinforced composite � Low- and high-velocity impacts � Failure
modes

1 Introduction

During the life of a structure, impacts by foreign objects can be expected to
occur during manufacturing, service, and maintenance operations. An example of
impact occurs during aircraft takeoffs and landings, when stones and other small
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debris from the runway are propelled at high velocities by the tires. During the
manufacturing process or during maintenance, tools can be dropped on the
structure or in situations such as automobile accidents. In this cases impact
velocity are small but the mass of the impactor is larger. Fiber-reinforced
composite structures are more susceptible to impact damage than a similar
metallic structure. In composite structures, impacts create internal damage that
often cannot be detected by visual inspection. This internal damage can cause
severe reductions in strength and can grow under load. Therefore, the effects of
foreign object impacts on composite structures must be understood, and proper
measures should be taken in the design process for composites to account for
these expected events.

2 Fiber-Reinforced Composites

A composite is a material composed of two or more substances having different
physical characteristics and in which each substance retains its identity while
contributing desirable properties to the whole. Composites consist of two phases;
one is continuous and is called matrix, and the other is discontinuous and is in
form of fibers or particulates. The discontinuous phase is well dispersed in the
matrix and acts as a reinforcement or modifier, to improve and alter the matrix
properties.

Matrix materials used in composites are typically ceramics, metals, or poly-
mers. Fibers are the common reinforcement due to their effectiveness, although
particulates of various geometries are also used. Polymer matrix composites,
with fibers reinforcement, are the most commonly used high performance
composites and are widely used in many applications because of their unique
properties and characteristics. High performance fiber-reinforced polymeric
composites consist of high strength and modulus fibers embedded in or bonded
to a polymeric matrix with distinct interfaces between them [1]. Fiber-reinforced
polymeric composites have many distinctive advantages over traditional mate-
rials; the most significant one being their light weight. Low density leads to high
specific strength and specific stiffness. Another benefit of polymer composites
is their design flexibility and freedom. Table 1 shows advantages/disadvantages
of advance composite [2].

Generally, the advantages accrue for any fiber reinforced composite combination
and disadvantages are more obvious with some. These advantages have now resulted
in many more reasons for composite use as shown in a nutshell in Table 2 [2]. Proper
design and material selection can circumvent many of the disadvantages.

By varying the fibers type, the fibers direction and volume fraction, and adopting
different manufacturing processes, the composites’ properties and characteristics
can be easily controlled and adjusted.

Matrices used in fiber-reinforced polymeric composites are either thermoset or
thermoplastic polymers. They play several important roles in the composites,
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Table 1 Advantages/disadvantages of advanced composites

Advantages Disadvantages

Weight reduction;
High strength and modulus to
weight ratio

Cost of raw materials and fabrication

Tailorable properties;
Can tailor strength or stiffness
to be in the load direction

Transverse properties may be weak

Redundant load paths
(fiber to fiber)

Matrix is weak, low toughness

Longer life (no corrosion) Reuse and disposal may be difficult
Lower manufacturing costs

because of less part count
Difficult to attach

Inherent damping Analysis is difficult
Increased or decreased thermal

or electrical conductivity
Matrix subject to environmental degradation

Table 2 The reasons for using composites

Reason for use Composite material Application

Lighter, stiffer, stronger Boron, carbon/graphite,
aramid

Military aircraft, better performance
commercial aircraft

Controlled or zero thermal
expansion

High modulus carbon/
graphite

Spacecraft with high
positional accuracy
requirements for optical sensors

Environmental resistance Fiberglass, vinylesters,
epoxy

Tanks and piping, corrosion resistance
to industrial chemicals, crude oil,
gasoline at elevated temperatures

Lightweight, damage
tolerance

High strength carbon/
graphite, fiberglass,
(hybrids), epoxy

CNG tanks for ‘green’ cars, trucks and
buses to reduce environmental
pollution

Less fatigue Carbon/graphite/epoxy Tennis, squash and
racquetball racquets

Transparency to radiation Carbon/graphite-epoxy X-ray tables
Crashworthiness Carbon/graphite-epoxy Racing cars
Water resistance Fiberglass, polyester or

isophthalic polyester,
vinylester, epoxy
resins

Commercial boats

Lightweight, high strength
and modulus, high
energy dissipation

Aramid And HPPE
fibers, Keraton, PU
resins

Bullet proof vests and
Helmets, protection
panels, Vehicle
protection

Lightweight, high strength
and modulus

Glass, carbon and aramid
fibers reinforced
composite

Footbridge, civil engineering,
earthquake
protection, cable cars

Low cost, insulating
characteristics

Carbon/graphite, glass
fiber/phenolic

Electrical/electronics energy systems/
communications
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such as holding the fibers in place, transferring stress between fibers, and
protecting the fibers from adverse environment or mechanical abrasion. Tradi-
tionally the matrices of fiber-reinforced polymeric composite are thermoset
polymers, such as polyesters, epoxies, vinyl esters and phenolics. It is related to
their low viscosity and their wettability properties. In addition, thermoset
matrices have high Tg, good thermal stability and chemical resistance, and also
exhibit low creep and stress relaxation behavior. However, thermoset polymers
have long fabrication time due to the slow crosslinking and solidifying
processes. Also, thermoset matrix can be brittle and fail at low strain and as a
result, resistance to impact can be poor.

The most important benefit of thermoplastic matrices is their high fracture
resistance and impact strength, due to their high strain to failure. Thermoplastic
matrices have short fabrication times, are thermoformable and can be easily
repaired by welding or solvent bonding. Since thermoplastics matrices are not
crosslinked polymers, they can be easily recycled and reused. However, their
wettability to fibers is relatively poor because their high viscosities and there is no
direct chemical bonding between matrix and fibers.

Fibers are the major component that occupies the largest volume fraction in
fibers reinforced polymer composites. They are principal load-bearing constituents
that dominate the characteristics and properties of the composites. It is important
to select the proper fibers in order to meet the requirements for the final product.
There are a large variety of commercially available fibers with different properties
that can be used as reinforcements: glass, carbon, aramid, high performance
polyethylene (HPPE), ceramic fibers, and metal fibers.

Glass fibers are the most common reinforcement due to their low cost, high
tensile strength, high chemical resistance and excellent insulating properties.
The disadvantage of glass fibers are their low tensile modulus, high density, low
resistance to abrasion and fatigue.

Carbon fibers have the advantage of high specific tensile modulus and strength,
high fatigue performance and low coefficient of thermal expansion. The
disadvantages include low impact resistance.

The fibers begin as an organic fiber, rayon, polyacrylonitrile or pitch which is
called the precursor. The precursor is then stretched, oxidized, carbonized and
graphitized. There are many ways to produce these fibers, but the relative amount
of exposure at temperatures from 2500 to 3000�C results in greater or less
graphitization of the fiber. Higher degrees of graphitization usually result in a
stiffer fiber (higher modulus) with greater electrical and thermal conductivities and
usually higher cost [1, 2].

Ceramic fibers have attracted considerable interests as reinforcement for metal
and ceramic matrix composite materials due to its excellent mechanical and
physical properties. Applications of ceramic fibers are in gas turbines, both
aeronautical and ground-based, heat exchangers, containment walls for fusion
reactors, as well as uses for which no matrix is necessary such as candle filters for
high temperature gas filtration [3].
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Aramid fibers, such as Kevlar� and Twaron� family, have higher specific
tensile strength and strain to failure than carbon fibers, which offers them good
damage tolerance against impact. Kevlar fibers have good chemical and thermal
stability, and poor compressive properties. Their outstanding potential derived
mostly from the anisotropy of their superimposed substructures presenting pleated,
crystalline, fibrillar and skin–core characteristics. Nowadays these fibers are used
in various structural parts including reinforced plastics, ballistics, tires, ropes,
cables, asbestos replacement, coated fabrics, and protective apparel.

High performance polyethylene (HPPE) fibers, such as Dyneema� and Spectra�

family possesses extraordinary physical and mechanical properties, such as low
specific weight, high specific modulus and strength, high impact resistance, low
dielectric constant, good UV resistance, low moisture absorption, excellent vibra-
tion damping capability, low coefficient of friction, excellent abrasion, cut resis-
tance and self-lubricating properties [4–10]. The disadvantage could be low melting
temperature of polyethylene fibers. They can be produced by a gel-spinning process
from ultra high molecular weight polyethylene (UHMWPE); typical draw ratios
are between 309 * 1009 and the high strength and modulus of the fibers is
determined by the draw [11].

The fibers used in composites can adopt many forms; they can be used as
continuous filaments or yarns, as well as discontinuous chopped fibers. Two and
three dimensional fabrics can be made from continuous fibers using textile pro-
cessing such as weaving, knitting, braiding and needle-punching. Fabrics are easy
to handle and provide good control over the fibers orientation and placement. The
alignment of fibers in composites can be unidirectional, bidirectional, multidi-
rectional or random.

Fibers volume fraction is an important parameter that dictates the composites’
properties. Fibers volume fraction should be as high as possible to maximize the
strength of the composites. Another important aspect of fiber-reinforced com-
posites is the interfacial adhesion between fibers and matrix; good bonding
strength is needed for fibers to achieve good reinforcement. The influence of
interfacial adhesion on composites properties is profound, compression strength,
flexural strength, shear strength, and impact damage resistance increase with the
level of adhesion; although, high velocity impact resistance decreases with
increase in bonding strength. Relatively poor adhesion makes interfiber and
interlaminar debonding easier, thus high impact energy is efficiently dissipated
laterally, and resistance to penetration is enhanced [9].

3 Low- and High-Velocity Impact Test

Different test apparatus are used to simulate various types of impact. Two types of
tests are used more by most investigators, although many details of the actual test
apparatus may differ. Drop–weight testers are used to simulate low-velocity
impacts typical of the tool-drop problem, in which a large object falls onto the
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structure with low velocity. Gas-gun systems, in which a small impactor is
propelled at high speeds, are used to simulate the type of impacts encountered
during aircraft takeoffs and landings. Testing conditions should replicate the actual
impacts the structure is designed to withstand, and so the choice of the proper test
apparatus is important. The schematic of gas-gun and drop-weight systems are
shown in Fig. 1.

In gas gun system high pressure compressed air or gas is drawn into an
accumulator to a given pressure controlled by a regulator. The pressure is released
by a solenoid valve, the breakage of a thin diaphragm, or other mechanism. The
impactor then travels through the gas gun barrel and passes a speed-sensing device
while still in the barrel of the gun or right at the exit and with different device the
velocity of impactor is calculated [10–13]. Drop-weight systems are used exten-
sively and can be of differing designs. Heavy impactors are usually guided by a rail
during their free fall from a given height [14–17].

A large mass with low initial velocity may not cause the same amount of
damage as a smaller mass with higher velocity, even if the kinetic energies are
exactly the same.

Experimental studies attempt to replicate actual situations under controlled
conditions. For example, the impact of a composite structure by a larger impactor
at low velocity, which occurs when tools dropped accidentally on a structure or in
automobile accidents. This situation is best simulated using a drop-weight system.
Another concern is during aircraft take off and landing, debris flying from the
runway can cause damage; this situation, with small high velocity impactor or
projectile, is best simulated using a gas gun system.

4 Methods for Damage Assessment

Many techniques have been developed to determine the extent of impact-induced
damage in composite structures. Impact damage is internal and generally consists
of delaminations, matrix cracking, and fiber breakage, which usually cannot be

Fig. 1 The schematic of drop-weight (a), and gas-gun (b) systems
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detected by simply examining the surface of the specimen. In applications where
one seeks to detect the presence of impact-induce damage, nondestructive
techniques providing whole field information are used. For research purposes
when the location of impact is known, other, destructive methods provide more
detailed information but also end up destroying the specimen in the process [18].

4.1 Nondestructive Techniques

It is necessary to determine if damage is present, where it is located, and its extent.
With translucent material systems such as glass/epoxy or Kevlar/epoxy compos-
ites, impact damage can be observed using strong backlighting. The size and shape
of delaminations and the presence of matrix cracks can be detected by visual
observation. Several investigators have used this technique, and much of the early
work on impact damage was carried out using this technique and brought about a
great deal of understanding about the morphology of impact damage and impact
damage development.

Other material systems such as graphite/epoxy are opaque, and thus this visual
inspection approach cannot be used. Whole-field nondestructive methods such as
ultrasonic imaging or radiography are used to visualize internal damage over large
area. C-scan and x-rays provide a projected image of the damage zone and are
useful in delineating the extent of the damage, but many of the features of the
damage area are lost. It is important to understand how delaminations are dis-
tributed through the thickness, their size and orientations, and how they might be
connected through intraply cracks.

Many other nondestructive techniques for impact damage inspections have
been reported in the literature such as infrared thermography, vibrothermogra-
phy, high frequency low amplitude mechanical vibrations, and tapping technique,
although ultrasonic and x-ray methods are by far the two most commonly used
techniques [18].

4.2 Destructive Techniques

Detailed maps of image can be obtained by sectioning several strips of material at
different locations and orientations throughout the impacted zone. After careful
preparation, microscopic examinations of each section are used to construct
detailed maps of delaminations at each interface and of matrix cracks in each ply;
and also observation of damage development during impact by using high speed
photography is another way for damage assessment [18].
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5 Failure Modes of Fiber-Reinforced Composites
in Impact Damage

Numerous experimental and analytical investigations have been undertaken to
uncover the penetration failure modes of the composites under impact [16–19].

There are many parameters that affect the initiation and growth of impact
damage. Material properties affect the overall stiffness of the structure and the
contact stiffness and therefore will have a significant effect on the dynamic
response of the structure. Fibers, matrix, and fiber-matrix interface have an
important role and control the initiation and growth of impact damage.
The thickness of the laminate, the size of the composite, and the boundary con-
ditions are all factors that influence the impact dynamics, since they control the
stiffness of the composite. The characteristics of the impactor including its density,
elastic properties, shape, initial velocity, and incidence angle are another set of
parameters that should be considered. The effect of layup, stitching, and envi-
ronmental conditions are important factors that have received various degrees of
attention. For impacts that do not result in complete penetration of the target,
experiments indicate that damage consists of delaminations, matrix cracking, and
fiber failures. In general for low velocity impacts damage starts with the creation
of a matrix crack. In some cases the target is flexible and the crack is created by
tensile flexural stresses in the bottom ply of the laminate. This crack, which is
usually perpendicular to the plane of the laminate, is known a tensile crack
(Fig. 2a). For thick laminates, cracks appear near the top of the laminate and are
created by the contact stresses. These cracks are known shear cracks (Fig. 2b).
Matrix cracks induce delamination at interfaces between adjacent plies and initiate
a pattern of damage evolution either from bottom up or from top down [18].

Delaminations, that is, the debonding between adjacent laminates, are of most
concern since they significantly reduce the strength of the laminate.

In high velocity impacts failure during laminate penetration depends in a large
part on the shape of the impactor, which strongly affects the perforation energy.
In general, shear plugging occurs near the impacted side, followed by a region in

Fig. 2 Two types of matrix
cracks: a tensile crack,
b shear cracks
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which failure occurs by tensile fiber fracture, and near the exit, delamination occur.
Depending on composite rigidity, impactor mass, and velocity, in some case only a
shear failure mode is observed. In other case, the first two modes are present, and
for thicker targets all three modes are present. The penetration energy can be
estimated by adding the energies required to produce each type of failure involved
in the penetration process: fiber failure, matrix cracking, delamination, and friction
between the impactor and composite [16–19].

High-velocity impact is a highly dynamic event involving transient stress wave
propagation. In many cases, the impacted material will fail before the stress waves
reflect from the material boundaries. During the impact by a spherical impactor,
the stress distribution under the impactor is truly three-dimensional. As soon as the
impactors enter in contact with the target, a compressive wave, a shear wave, and
surface waves propagate away from the impact point. Compressive wave, after
reflection from the back surface, can generate tensile stresses of sufficient mag-
nitudes to create failure near the back face.

Some investigations have focused on the response of textile fabrics without any
resin matrix to high velocity impact [8, 11, 20], while others have investigated the
role of resin matrix properties [21].

In examining the role of resin addition on the impact resistance of textile
composite, Hsieh et al. [22] subjected Kevlar and Spectra fabrics and their fabric-
reinforced composite to low velocity and high velocity impact. For both Kevlar
and Spectra composites, the composites outperformed their corresponding fabric
for the entire range of thicknesses tested. Examination of the specimens revealed
that more fibers were broken in the composites than in the fabrics. Noting a
primary role of fiber straining in energy absorption under impact, the observed fact
may be used to explain the trend of superior impact performance in composites, at
least in a qualitative sense.

In the case of multi-ply composite laminates reinforced with collimated Spectra
webs as well as woven Spectra fabrics, the failure modes were closely observed by
Lee et al., under the high velocity impact [21]. Both the angle-plied unidirectional
Spectra fiber reinforced laminates and the Spectra woven fabric reinforced com-
posites were found to exhibit sequential delamination, cut-out of a plug induced by
through-the-thickness shear, and combined modes of shear cut-off and tensile
failure of fibers. In the angle plied laminates, the fibers experiencing the initial
impact failed in shear or by cutting, which seemed to occur at the edge of the
impactor. In those cases where fiber damage was visible in the back layers of the
laminate, the mode closely resembled tensile failure. However, many of the thin
laminates appeared to allow the impactor to penetrate by moving fibers laterally or
through fiber pull out rather than straining the fibers to break.

In contrast to the case of angle-plied unidirectional fiber reinforced composite
laminates, Spectra fabric reinforced composites exhibited much less lateral
movement of reinforcing fibers during the penetration of the impactor [21]. Even
in thin panels, fibers apparently failed due to shear or a cutting mode in the plies
close to the striking surface and in tension at the rear of a completely penetrated
panel. The presence of a strip of finite width of the first lamina pushed forward by
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the impactor could not be observed in the Spectra fabric reinforced composites.
Instead, the delamination zones were observed preferentially along the two rein-
forcement directions of the woven fabric. However, these damage zones were
closely integrated with a circular zone of delamination around the perforated area.
The occurrence of a less anisotropic pattern of delamination was understandable
considering the presence of resin-rich pockets between the reinforcing layers as
well as a greater constraint to matrix crack propagation parallel to the fibers.

In our laboratory, we also investigated the high impact properties of high
performance polyethylene fiber/kraton� cross-ply composites. Composites were
made using a high temperature high pressure compacting process. High impact
properties examined via gas-gun apparatus (see Fig. 1b) by an impactor with
hemispherical tip, weight of 11 g, 9 mm diameter, and ca. 220 m/s velocity.

It is noticed that the ability to apply hot compaction to HPPE fibers without
causing loss of crystallinity and orientation of the fibers and translate them into the
composite enables the composite to have outstanding properties and is currently

Fig. 3 Pictures of HPPE fibers cross-plies composite after impact, a the cavity in front of
composite, b delamination of fibers layers and c back-face deformation the form of a bulge
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utilized for fabrication of high strength, high modulus, and high impact resistant
composites [5, 23–27]. It is well known that at elevated temperatures polyethylene
is rubbery and can be subjected to considerable stretching. If layers of polyeth-
ylene fibers are properly confined to prevent shrinkage exposed to an appropriate
heating and stretching sequence, consolidated and allowed to cool, it is feasible to
produce a thick, rigid, and high impact resistance polyethylene fiber-reinforced
composite.

After investigation of high performance polyethylene fiber cross-ply composites
to high velocity impact loading, it was found that during high-velocity impact test a
shock wave is created on specimen due to kinetic energy of the impactor. A part of
this energy is absorbed by the fibers with shear and tensile failure mechanism and
some of the energy could be absorbed by delamination of fiber layers and the rest is
transmitted to the back of the specimen and forms a bulge (see Figs. 3b, c).

Fig. 4 SEM pictures of fibers after impact, a and b showing sheared fibers and fibers
delamination accompanied by matrix, c and d melted and deformed fibers

The Study of Response of High Performance Fiber-Reinforced Composites 139



Figure 4a–d shows SEM pictures of fibers after impact. Failure of the fibers was
via a shear mechanism, which is indicative of a high energy impact.

6 Conclusion

Polymer fiber-reinforced composites have received great attention for the past
three decades in engineering applications, especially where light-weight structures
are required.

It could be concluded from the experimental results and literature review that
there are many parameters that affect the initiation and growth of impact damage
in fiber-reinforced composites. In general, for low velocity impacts, damage starts
with the creation of a matrix shear or tensile cracks and matrix cracks induce
delamination at interfaces between adjacent plies and initiate a pattern of damage
evolution either from bottom up or from top down. In high velocity impacts energy
could be absorbed by shear and tensile failure, matrix cracking, fibers delamina-
tion, and back-face deformation in the form of a bulge.
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Dynamic Fracture Toughness
of Composite Materials

C. Rubio-González, J. Wang, J. Martinez and H. Kaur

Abstract The Dynamic fracture toughness KId, is determined for unidirectional
carbon-epoxy and glass-epoxy composite materials, by means of an experimental–
numerical method. An instrumented Hopkinson bar is used to make the tests with pre-
cracked specimens loaded on a three point bending configuration. Specimen receives
a sudden impact load that generates the opening of the crack faces. Dynamic pulses
registered on the incident and transmitted bars are used to determine the load history
applied on the specimen. A strain gage is placed on the specimen to register the wave
propagation and therefore to determine the onset of the crack growth. This load
history is then used in a numerical analysis done by the ABAQUS software to
determine the Dynamic Stress Intensity Factor time evolution. Knowing the time to
fracture it is possible to estimate the Dynamic Fracture Toughness KId. For the
composite material specimens, the tests were made for different impact velocities.

1 Introduction

Composite materials are generally used because they have desirable properties
such as high strength per mass ratio, which could not be achieved by either of the
constituent materials acting alone. They have unique advantages over monolithic
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materials, such as high strength, high stiffness, long fatigue life, low density, and
adaptability to the intended function of the structure. Additional advantages
include: corrosion resistance, wear resistance, appearance, temperature-dependent
behavior, thermal stability, thermal insulation, thermal conductivity, and acoustic
insulation. Despite their importance, dynamic fracture mechanics studies and
experimental data for understanding the mode of failure and energy absorption
mechanism of laminated composite plates are very limited. Static fracture behavior
of composites has been extensively studied by many authors. By contrast, dynamic
fracture toughness in composites has not received as much attention.

The evaluation of the dynamic fracture toughness of engineering materials is
important for the assurance of the integrity and safety of structural components
subjected to impact loading. Up to now, there has been no completely adequate
method to characterize and measure dynamic fracture toughness of solid materials
owing to both the difficulties in dynamic fracture theory and experimental tech-
niques. There are discrepancies from the available reports in the rate effect on
initiation fracture toughness and dynamic delamination fracture toughness of
polymer composites [1]. At least three areas are open for the dynamic response of
composite materials: higher delamination crack speeds, dynamic delamination
initiation fracture, and the relation between initiation fracture toughness and
dynamic toughness at high speed of crack propagation [1].

Dynamic fracture and delamination of unidirectional graphite/epoxy compos-
ites has been investigated for end-notched flexure (ENF) and center-notched
flexure (CNF) pure mode II loading configurations using a modified split Hop-
kinson pressure bar in [2]. Static and dynamic fracture of interfaces between
orthotropic (unidirectional glass fiber reinforced epoxy composite) and isotropic
materials were studied using photoelasticity in [3]. A method to simultaneously
measure fracture initiation toughness, fracture energy and fracture propagation
toughness for mode-I fractures in split Hopkinson pressure bar (SHPB) with a
notched semi-circular bend specimen has been proposed in [4]. Another procedure
for measuring the dynamic fracture-initiation toughness of materials, based on
three-point bending tests at high loading rates has been used in [5]. The experi-
mental device is a modification of the classical split Hopkinson pressure bar.
An instrumented Charpy apparatus has also been used for measuring the dynamic
fracture toughness of materials [6]. A modified end-notched flexure (ENF) spec-
imen was used to determine Mode-II-dominated dynamic delamination fracture
toughness of fiber composites at high crack propagation speeds in [7]. The results
showed that the dynamic fracture toughness is basically equal to the static fracture
toughness and is not significantly affected by crack speeds up to 1,100 m/s [7].
Yokoyama [8] has proposed a novel impact test procedure for determining the
dynamic fracture initiation toughness at high loading rates. The method uses a
special arrangement of the split Hopkinson bar to measure the dynamic loads
applied to pre-cracked bend specimens.

The aim of this paper is to investigate the dynamic fracture toughness KId at
different loading rates of specimens made of carbon-epoxy and glass-epoxy com-
posite materials. Only unidirectional materials were considered on the study. To this
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end the method proposed in [8], originally applied on isotropic materials; has been
extended and employed to test composite materials. The impact bend test apparatus is
based on the split Hopkinson pressure bar to measure dynamic loads acting on a
precracked bend specimen. The dynamic stress intensity factor history for the bend
specimen is evaluated by means of a dynamic finite element analysis based on the
measured dynamic loads. The time of crack initiation is measured using a small strain
gage mounted on the side of the specimen near the crack tip. The value of KId is
determined from the critical dynamic stress intensity factor at the onset of crack
initiation. The KId values obtained for two composite materials are compared with
the corresponding values determined under quasi-static loading conditions.

2 Experimental Procedure

2.1 Test Materials and Specimen Preparation

Two composite materials were tested: carbon-epoxy and glass-epoxy. Composite
laminates were obtained by curing DA 4518U Unidirectional Carbon Epoxy
Prepreg (41 layers) and DA 409U/S2-Glass Unidirectional S2-glass Epoxy Prepreg
(23 layers); both supplied by the company APCM.

A series of tension tests were performed to determine the material properties of
the carbon-epoxy and glass-epoxy composite materials used on the experiments.
The material was assumed to be transversely isotropic. The following properties
were measured: Young’s modulus E1 and E2, Poisson ration v12 and shear modulus
G12; 1-direction is along the fibers and 2-direction is perpendicular to fibers. The
tension test was conducted according to recommendations of ASTM D3039-08 [9]
and performed on a MTS810 testing machine. Tests were performed on several
specimens at different fiber orientation; where h is the angle between the fibers and
the direction of the load, see Fig. 1. With h = 0o, E1 is found; with h = 90o,
E2 is measured, and G12 is found using off-axis tests. Although the off-axis test is
not a standard it is a useful method for G12 determination [10]. A summary of the
mechanical properties including density at room temperature is presented in
Table 1. Constituent content of both composite materials were determined
according with ASTM D3171 [11] and the results are shown in Table 2.

Figure 2 shows the specimen geometry and dimensions. Figure 2b is a photo-
graph of a specimen used in dynamic tests which shows the location of the strain
gage near the notch tip. A thin slit of length 10 mm was cut on the specimens by a
diamond disk to simulate the crack (disk dimensions were, diameter 127 mm and
thickness 0.38 mm). The relative dimensions of bend specimens (width
W = 20 mm and length L = 100 mm) were determined in accordance with the
ASTM E399 [12]. Specimen thickness was B = 6.3 mm for carbon-epoxy and
B = 4.8 mm for glass-epoxy laminates. A fixed support midspan S = 80 mm
(S/W = 4) was used through this investigation.
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2.2 Quasi-Static Fracture Tests

Standard KIC tests were conducted on bend specimens (Fig. 2) in a MTS810
testing machine. A notch with length of 10 mm was made by using a diamond
disk. The load versus load-line displacement was recorded. Fracture toughness KIC

was calculated from the standard formula for the three-point bend specimen [12] as

Fig. 1 Stress–strain curves
of fiber reinforced composite
materials under quasi-static
tensile loading conditions and
different fiber orientation
with respect to loading
direction. a Carbon-epoxy,
b Glass-epoxy

Table 1 Mechanical
properties of the composite
materials used on the
experiments

Property Carbon/epoxy Glass/epoxy

E1 (GPa) 107.7 56.7
E2 (GPa) 8.1 10.6
v12 0.34 0.36
G12 (GPa) 3.85 3.55
q (Kg/m3) 1505.8 1795.62

Table 2 Constituent content
of the composite materials
used on the experiments

Carbon-epoxy Glass-epoxy

Fiber content (%v) 52.6 55.1
Matrix content (%v) 44.4 42.7
Void content (%v) 2.7 2.2
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where KQ is the tentative fracture toughness and PQ is the applied load at fracture
initiation.

2.3 Impact Bend Test Apparatus and Dynamic Fracture Tests

Figure 3 shows a schematic illustration of the impact bend test apparatus used for
the dynamic fracture experiments. The apparatus consists mainly of an air gun, a
projectile (striker bar), three Hopkinson pressure bars (one incident and two
transmitters), a velocity measuring device and recording equipment. The pressure
bars (1,800 mm long) and the striker bar (152.4 mm long) were made of 19 mm
diameter high strength steel (Maraging C300). The bend specimen was placed
between the incident and two transmitter bars. The specimen was rapidly loaded to
fracture by means of a concentrated transverse load applied at midspan on the
uncracked surface of the specimen. The split Hopkinson bar technique was
employed to measure the dynamic load exerted on the specimen. The impact of the
striker bar into the face of the incident bar develops the longitudinal compressive

Fig. 2 Bend specimens used for fracture toughness experiments. Dimensions in mm. Specimen
thickness was 6.3 mm for carbon-epoxy and 4.8 mm for glass-epoxy
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pulse ei(t) that is propagated along this bar. Part of the compressive incident pulse
ei(t) is transmitted through the specimen, causing its fracture and into the trans-
mitted bars as a compressive pulse et(t), while part of which is reflected back to the
incident bar as a tensile pulse er(t). The incident load Pi(t) and the transmitted load
Pt(t) are then determined from the one-dimensional theory of elastic wave prop-
agation as [13]

Pi ¼ EA eiðtÞ þ erðtÞ½ � ð3Þ

and

Pt ¼ EAet tð Þ ð4Þ

where E and A are, respectively, Young’s modulus and the cross sectional area of
the pressure bars. In the foregoing derivations, the recorded strain pulses are
assumed shifted along the time axis so as to be coincident at the specimen surface.
The time is taken to be zero at the instant when the incident wave front arrives at
the uncracked surface of the specimen. In the experiments, the three strain pulses
were monitored by means of three strain gages having a gage length of 1.6 mm
(VISHAY CEA 06 062 UW 120) bonded in the incident and transmitter bars using
M Bond 200 adhesive. The first strain gage was located 900 mm from the impact
end of the incident bar; and the other two strain gages were placed 900 mm from
the ends of the respective transmitter bars, see Fig. 3. The strain gage placed on the
specimen close to the notch tip was VISHAY CEA 13 032 UW 120. The output
signals of the strain gages were conditioned by conditioners VISHAY 2311 and
then visualized and stored into an oscilloscope Agilent model Infiniium 5483
where the signals were recorded at a sampling rate of 1 ls.

The rounded ends of the incident and transmitter bars had no significant effect
on the wave propagation in the respective pressure bars. The dynamic loads Pi and
Pt calculated from Eqs. 4 and 5 were used for the accurate evaluation of the
dynamic stress intensity factor of bend specimens through a finite element anal-
ysis. Dynamic fracture toughness KId was determined from the critical dynamic
stress intensity factor at the onset of crack initiation. The bend specimens used in
KIC test (quasi-static test) have the same geometry as those used in the dynamic
fracture tests (Fig. 2).

3 Results and Discussion

To determine quasi-static fracture toughness, KIC, the load versus load line dis-
placement curve was registered for each test. A typical curve for carbon-epoxy and
glass-epoxy is shown in Fig. 4a and b, respectively. Tests were performed under
load control. According to the ASTM E399 standard [12], a PQ load value is
determined from the intersection of the load—load line displacement curve with a
straight line of 95% of the slope in the linear region. Such intersection is shown in
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Fig. 3 Impact bend test apparatus employed for dynamic fracture experiments and block
diagram of the recording system

Fig. 4 Typical
load–displacement curve to
determine PQ and the
quasi-static fracture
toughness. a Carbon-epoxy,
b Glass-epoxy

Dynamic Fracture Toughness of Composite Materials 149



Fig. 4. Values of PQ are used in Eq. 2 to calculate KIC giving the following results.
For carbon-epoxy: 26.9 MPa(m)1/2 and for glass-epoxy: 13.9 MPa(m)1/2. In both
cases fibers were perpendicular to the crack as illustrated in Fig. 4. It is worth
noting that for the carbon-epoxy composite the value of PQ represents approxi-
mately 75% of the maximum load reached during the test, while for glass-epoxy
that value represents 55%. A more nonlinear behavior is observed in the glass-
epoxy composite.

Figure 5 shows typical oscilloscope records from the dynamic fracture test on a
carbon-epoxy composite specimen. The incident pulse has a duration time of about
66 ls. Figure 6 shows the same information as that provided by Fig. 7 but in the
appropriate scale. Figure 7 presents a typical incident load (Pi (t)) obtained from
Eq. 4 for both composite materials. The signal of the small strain gage attached near
the crack tip is shown also in Fig. 5. The location of the strain gage was determined so
that the dynamic strain could be measured closer to the crack tip.

Note that the incident pulse amplitude is almost the same on each material in
Fig. 6; this was expected since the amplitude depends only on the projectile
velocity, according with the following equation [13]

P ¼ rA ¼ 1
2
qcvA ð5Þ

where q is the mass density, c is the dilatational wave speed and A is the cross
section area, these parameter are associated with the incident pressure bar; and v is
the projectile velocity.

The finite element technique was applied to evaluate the dynamic stress
intensity factor KI(t) for the specimen using the commercial software ABAQUS.
Because of symmetry, only half of the specimen was modeled with 8-node
isoparametric quadrilateral elements, as shown in Fig. 8, singular elements were
used around the crack tip. It was assumed in the finite element analysis that: (a)
the crack tip is under the conditions of plane stress; and (b) the pre-crack is
stationary during the dynamic fracture test. Since the transmitted pulses
occurred at about 60 ls and the time to fracture is less than that time, the
applied load to the finite element model was only the incident load Pi(t) given
by Eq. 4, that is, the transmitted load Pt(t) had no effect; thus, the model was
unsupported during the period of analysis. The dynamic load given in Fig. 7
was used as the input (or time dependent) boundary conditions (the load applied
was Pi(t)/2 because only half of the specimen is modeled). The elastodynamic
response of the pre-cracked specimen was obtained by direct integration of the
equations of motion.

The dynamic stress intensity factor KI(t) was computed by simply comparing
the dynamic crack opening displacement v(t) of a node close to the crack tip with
its static value according to the following equation [14],

KIðtÞ ¼
pffiffiffiffiffiffiffiffi
2pr
p vðtÞ x1x2

x1 þ x2

1
a22

ð6Þ
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where x is related with l according to

lj ¼ ixj j ¼ 1; 2 ð7Þ

and l1 and l2 are roots of

a11l
4 þ ð2a12 þ a66Þl2 þ a22 ¼ 0 ð8Þ

with aij being linked with the elastic constants according to

a11 ¼ 1=E1 a12 ¼ �m12=E1 a66 ¼ 1=G12 a22 ¼ 1=E2 ð9Þ

Fig. 5 Typical oscilloscope measurements from dynamic fracture tests of carbon-epoxy
composite specimen (projectile impact velocity v = 15.7 m/s)

Fig. 6 Typical pulses
arranged in the appropriate
scale. Projectile impact
velocity v = 15.7 m/s for
carbon-epoxy and
v = 15.6 m/s for glass-epoxy

Dynamic Fracture Toughness of Composite Materials 151



for plane stress; r is the distance from the crack tip to the node where transverse
displacement v(t) is determined.

Figure 9 displays the time variation of the nodal transverse displacement
v(t) (perpendicular to the crack faces) of the unsupported end of the impacted
specimen for both materials. A closer view of the time when nodal displacements
grows up is also shown in Fig. 9 for carbon-epoxy. That time is approximately
4.8 ls which coincides with the arrival of the dilatational wave at the node under
analysis (located at 11 mm from the uncracked edge), this is verified calculating

Fig. 7 Dynamic load Pi(t)
applied to the bend specimen
according to Eq. 4

Fig. 8 Finite element mesh
used to determine dynamic
stress intensity factor KI(t) on
bend specimens. Only one
half is modeled and loaded
with Pi(t)/2
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the different waves velocities [15] for the composites used in this work. The
velocities are shown in Table 3. Nodal displacement is zero until that time and this
effect is well captured by the numerical solution. Figure 10 represents
the KI(t) curve for the unsupported specimen calculated with Eq. 6 and using the
displacement history v(t) given in Fig. 9. It is important to note that during the
early stages of the dynamic fracture test, KI(t) is unaffected by the support con-
dition of the specimen. The value of the dynamic fracture toughness KId was
determined from the critical dynamic stress intensity factor at the instant of crack
initiation. The time of crack initiation, tc, was determined from the signal output
from the strain gage attached to the specimen, for this case it was about 29 ls
giving approximately KId = 38.4 MPa(m)1/2 for carbon-epoxy composite, and
39 ls giving approximately KId = 29.3 MPa(m)1/2 for glass-epoxy composite as
shown in Fig. 10.

Figure 11a, b shows the dynamic fracture toughness of carbon-epoxy and glass-
epoxy, respectively for some impact projectile velocities. Quasi-static fracture
toughness is also shown for comparison. Dynamic fracture toughness values for
both materials are greater than those for quasi-static toughness. Also, no significant
variation of dynamic fracture is observed when changing the projectile velocity
(associated with strain rate), at least for the ranges used on the experiments.

Fig. 9 Time evolution of
transverse displacement after
the specimen impact. The
displacement component
v(t) corresponds to a node
located on the crack face at
1 mm from the crack tip. This
displacement is used to
determine KI(t) according
with Eq. 6

Table 3 Wave velocities.
Dilatational Cd, shear Cs, and
Rayleigh CR

Carbon/epoxy Glass/epoxy

Propagation
parallel to
the fibers

Propagation
perpendicular
to the fibers

Propagation
parallel to
the fibers

Propagation
perpendicular
to the fibers

Cd (m/s) 8494.15 2329.00 5688.66 2459.36

Cs (m/s) 1588.57 1598.99 1406.07 1406.07
CR (m/s) 1575.34 1574.92 1390.92 1385.11
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Fig. 10 Stress intensity
factor time evolution KI(t) for
impacted bend specimens. a
Carbon-epoxy, b Glass-epoxy

Fig. 11 Dynamic fracture
toughness of composite
materials at different
projectile velocities,
quasi-static toughness is also
shown for comparison. a
Carbon-epoxy, b Glass-epoxy
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Figures 12 and 13 show specimens after dynamic fracture tests. Note that when
fibers are parallel to the notch, the specimens split completely. When the fibers are
perpendicular to the notch, a crack is generated on the notch tip and it propagates
along the fiber direction, as shown in Figs. 12b and 13b. Photographs of cracked
specimens with fibers parallel to the notch are shown just to compare the failure
mode with that exhibited by specimens with fibers perpendicular to the notch,
although no further analysis for specimens with fibers perpendicular to the notch is
presented in this work.

4 Conclusions

Dynamic fracture toughness has been evaluated for unidirectional carbon-epoxy
and glass-epoxy composite materials with fibers perpendicular to the notch.
A special set-up based on the split Hopkinson bar apparatus has been used to
measure dynamic loads acting on notched bend specimens. The dynamic stress

Fig. 12 Fracture of carbon epoxy composite specimens. a Fibers parallel to the notch, b fibers
perpendicular to the notch

Fig. 13 Fracture of glass epoxy composite specimens. a Fibers parallel to the notch, b fibers
perpendicular to the notch
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intensity factor history for the specimens was determined using the finite element
method based on the measured dynamic loads. Since the time of crack initiation
was recorded, then, the dynamic fracture toughness of the composite samples was
estimated. Dynamic fracture toughness is greater than quasi-static toughness for
both materials. It was observed that, except for some experimental scatter,
dynamic fracture toughness KId of glass epoxy is not affected by projectile velocity
(strain rate). For carbon-epoxy the results are not enough to make a conclusion
regarding the effect of strain rate in KId.
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Impact Study on Aircraft Type Laminate
Composite Plate; Experimental, Failure
Criteria and Element Model Review

Y. Aminanda

Abstract This paper reviews the advancement of study of composite laminate
subjected to impact loading for aerospace application such as Glass fiber-epoxy
and Carbon fiber-epoxy unidirectional laminate plate. The impact testing set-up
and equipments are overviewed in this paper including the calculation to obtain the
force, velocity and energy absorbed by the laminate during impact. The initial
damage can be explained by the threshold of energy absorption while the suc-
cessive damage mechanism can be described by the drop of force obtained from
the history of force during impact. The corresponding evidence of damage related
to force drop shows the scenario of damage mechanism; matrix cracking,
delamination and fiber failure. The influence of projectile and laminate parameters
to the impact behavior is reviewed as well. The failure criteria for each phase of
damage mechanism are described in detail. The proposed elements model to
simulate the damage are overviewed as well, which can be divided into two
categories; element without interface layer and with interface layer integrating
degradation of mechanical properties. The exposed failure criteria and elements
model are the basis of today’s development of FEA simulation for impact purpose.

1 Introduction

Composite has been used widely in the industry due to its performance in term of
its strength while maintaining light weight. This performance attracted especially
aeronautics industry to develop the structure replacing metallic material with the
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lighter one. The latest and mature composite structure utilized in this area relates
to carbon fiber/epoxy matrix composite structure. Effectively, this type of structure
which has been used for secondary aircraft structure is developed for maintaining
high stresses acting at primary structure as in the recent aircraft such as A380 and
B787. In the case of A380 aircraft, the carbon fiber/epoxy composite structure has
been manufactured and designed as an integral part of wing assembly such as the
whole wing box structure. For the case of B787, the whole fuselage, for example,
has been fabricated integrally with composite structure without any joints.

The mechanical properties of carbon fiber/epoxy matrix were known and the
standardized manufacturing process allows obtaining high strength of the material
and turns this material to its maturity. However, the issue of impact loading
remains the weakness of the structure, therefore the understanding and the
methodology to determine the strength of composite structure subjected to impact
loading always becoming the state of the art in aerospace industry.

The Aircraft faces frequently impact loading during its service. This impact
loading comes from different type of events such as; bird impact, hail projec-
tion and others scenario during take-off and landing. It is also possible that the
impact can be produced during maintenance visit due to tool’s drop. The
damage of the structure can be severed and observable as shown in Fig. 1 [1],
but most of the time it is not visible. The residual strength of impacted com-
posite structure, for example its strength in in-plane compression, could be
reduced up to 50% even for the case of invisible damage. A damage tolerance
damage called BVID/barely visual impact damage has been imposed in order to
determine whether the impacted aircraft structure should be replaced or not to
obtain a permission to flight from the authority. The ultimate goal for aircraft
industry is to shorten the process of finding the damage, determination the
residual strength and authorization to flight. One way in shortening the process
uses finite element analysis model to simulate the behavior of composite
structure subjected to impact loading. The state of the art of FEA simulation in
this area varies from impact phenomena on composite plate until sub-part and
part of aircraft structure (Figs. 2 and 3).

Fig. 1 Damage of aileron due to hail impact [1]
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This paper overviews the study of impact loading on laminate composite
structure that has been developed until today especially for aerospace application.
The experimental set-up, observation and results analysis will be exposed
including the parameters of structure, projectile and energy of impact. The pro-
posed analytical model will be detailed.

The failure criteria in term of matrix cracking, delamination and fiber fracture
will be exposed. The modeling of failure using FEA elements and including the
scenario of mechanical properties degradation which are integrated to the element
will be highlighted. The method of creating the elements with its failure criteria
highlighted in this chapter becomes the basis of the latest element developed for
commercial FEA software.

2 Experimental Study of Laminate Composite
Structure Subjected to Impact Loading

In this sub-chapter the experimental set-up for impact testing is described including
the determination of energy absorption, contact force during impact. The effect of
composite structure, projectile, boundary conditions and energy impact will be
overviewed. The mechanism of damage during impact will be described as well.

Fig. 2 FEA model for blade of helicopter (reproduction form) [2]

Fig. 3 FEA 3D model of rigid projectile on leading edge [2]
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2.1 Experimental Set-up and General Analysis
of Test Results

The impact testing with low velocity of energy impact is performed using drop
weight (Fig. 4) [3] or pendulum experiment set-up while for higher velocity impact
gun set-up type is normally used [2]. To simulate simple case of impact loading,
most of the time a spherical projectile is employed and for certain experiments
cylindrical (see pyramidal) projectile is impacted on laminate plate [4, 5].

During impact, initial velocity just before impact is measured using optical or
laser sensor located in the same level of specimen location. The marks at the
surface of projectile drawn with a certain distance will cut the laser lines for a
certain period of time which able to measure the initial velocity before impact.
The initial energy of impact can be calculated then using equation below:

Eimpact �
mprojectile

2
Vimpactð0Þ2 ð1Þ

where
Eimpact: initial impact energy
mimpact: Mass of projectile.
Vimpact (0): velocity of projectile just before impact
By integrating the dynamic equation, the velocity of projectile during impact

can be obtained from the force data given by load cell using the equation below:

Vimpact tð Þ ¼ Vimpact 0ð Þ � 1
mprojectile

Zt

0

F tð Þdt ð2Þ

where:
Vimpact(t): projectile velocity during impact
F(t): Contact force during impact obtained from load cell

Fig. 4 Drop weight experimental set-up testing
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It can be noted that projectile velocity during impact can be obtained using
acceleration of projectile measured by accelerometer. In practice, force data is
used since it gives less noise compared to accelerometer one.

Once the projectile velocity during impact is determined, the energy absorbed
by composite structure can be calculated using the following equation:

Eabsorption tð Þ ¼ mimpact

2
ðVimpactð0Þ2 � VimpactðtÞ2Þ ð3Þ

Using the data available during the test, the displacement of projectile during
impact can be obtained by integrating the velocity using the equation below:

d tð Þ ¼ Zt

0

v tð Þdt þ dð0Þ ð4Þ

The initial projectile displacement d(0) can be set equal to zero corresponding
to the displacement just before impact.

One example of impact test result can be found from the work that has been
done in CCR-EADS [6]. The energy and contact force history during impact is
shown in Fig. 5. The experimental was using hemispherical projectile of 16 mm
diameter and masse of 2.76 kg. The specimen with dimension of 150 9 100 mm
was clamped on its four sides in order to obtain fix type of boundary conditions.
From the graph, it can be observed rebounding phenomena corresponding to force
and velocity equal to zero. From the graph of energy absorption, the energy starts
to be constant after contact which corresponds to the rebound phenomena.

For higher impact energy, the graph shows a different tendency as it can be
observed in Fig. 6. To show the generality of result analysis, the proposed graph
with higher energy was obtained from impact test result using thicker specimen
such as sandwich structure. From the figure, rebounding phenomenon does not
appear and energy absorbed evolution increases in function of time until the end of
impact. While analyzing the graph, it can be observed that upper skin is perforated
by projectile after reaching the first maximum contact force. The force becomes

Fig. 5 Contact force and energy absorption history during impact for low impact energy
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constant which correspond typically to core crush. Then the force increases again
corresponding to either densification of core or contact force with lower skin of
sandwich structure. From the image of damage during impact (Fig. 7), it can be
shown that effectively projectile touched the lower skin without perforation. In this
case the impact energy has been absorbed totally by the specimen

An interesting study has been proposed by the work of Herup [7]. The results
were presented in term of ratio between initial impact energy and energy absorbed
by the laminate specimen for different plies of 4, 8, 16, 32 and 48 (Fig. 8).
The author stated that at least 15% of impact energy has been absorbed by the
specimen even at low impact energy and without observable damage. There is a
threshold characterized by sudden increment of energy absorption which relates to
damage initiation. The nature of damage initiation was not specified and will be
detailed in the specific sub-chapter. The threshold value increases with the
thickness of laminate. After the threshold value, the ratio of energy absorption with
impact energy becomes globally constant. It means if we double the impact, the
energy absorption will be doubled as well. Also, the energy absorption increases
with the thickness of laminate which seems normal since the dissipative energy
increase with the thickness.

Fig. 6 Contact Force and Energy absorption history for higher energy

Perforation of upper skin Damage at lower skin

Fig. 7 Damage due to impact loading on sandwich structure with composite skins and
honeycomb core
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The initiation of damage can be interestingly studied using evolution of force
during impact as shown in Fig. 9. In the figure, time is shifted voluntarily to obtain
the force relatively for different level of impact energy. It can be stated that below
threshold energy, the evolution of contact force increase progressively and the
amplitude of contact force increases with the thickness of laminate as well. After
the threshold energy, the contact force gave unsmooth curve for all thickness of
laminate. The initiation of damage can be identified then from the graph and
corresponding to significant decrease of contact force after reaching the maximum
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Fig. 8 Determination of initiation damage using energy approach

Fig. 9 Evolution of contact force for different energy impact and thickness of laminate
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contact force called characteristic force. It seems that the characteristic force is
independent to impact energy which indicates that the initiation of damage is
controlled by force generated in the area of contact.

This study shows the generality of the method for different type of specimen
subjected to impact loading and the method is being used widely for industrial
application.

2.2 Equivalence of Quasi-Static/Dynamic Loading

As mentioned previously, the damage happens in the contact area even for low
impact energy and the invisible damage can reduce the strength of impacted
composite significantly. That is the reason most of the industrial works on impact
concentrates on the low energy and low velocity impact. It is interesting to study
whether the low velocity impact loading can be represented by quasi-static loading
where the velocity is very low and near to static loading. The quasi-static and
dynamic equivalence has been performed by Herup [7]. The work compared the
contact force evolution obtained from quasi-static or indentation loading with the
dynamic loading one (Fig. 10). From the graph, it can be stated that independently
to impact energy, the characteristic force remains in the same level for thin
laminate until eight plies. The characteristic force in dynamic loading has the same
level with the characteristic force of quasi-static loading. Also, the comparison of
damage between quasi-static and dynamic loading as shown in Fig. 11 shows an
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identical form and area of damage. It can be stated that there is an equivalent
quasi-static loading with low energy impact loading. The conclusion has been
confirmed by the work that has been done in CCR-EADS [6]. The observation is
not valid for thicker laminate due to; seemingly, the dynamic effect produced by
local masse in the area of impact becomes significant to be compared by static
loading.

It seems that quasi-static and dynamic loading equivalence can be applied for
certain range of structure and impact energy even if its limitation is not stated
clearly in my knowledge. But it is clear that for high velocity of impact, the
equivalence is not valid even if the masse of impact remains light. It is appropriate
then to state that there is an equivalence of quasi-static with low energy and low
velocity impact loading.

2.3 Damage Mechanism

The study of damage on laminate composite structure shows that generally the
damage involves three types of physics phenomena [8] which are: matrix cracking,
delamination and fiber fracture as shown in Fig. 12.

The matrix cracking was due to big difference mechanical properties between
matrix and fibers. It happens generally parallel with fiber direction of plies [9].
The two principal modes of cracking are generated by tension and shear stresses as
shown in Fig. 13. During impact, it is observed the cracking with 450 direction in
the area of contact until mid-height of plate due to shear stress. In the opposite ply

Fig. 11 Comparison of damage form and area produced by quasi-static and dynamic loading
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under contact zone, the cracking form vertical line due to normal stress produced
by bending stress during impact. The cracking is frequently a combination of these
two modes and also due to complex state of stress. That is the reason, the cracking
criteria is associated to the coupling of different solicitation of normal and shear
stress inside the ply.

According to work of Liu [10], delamination is produced from different bending
rigidity between adjacent plies (Fig. 14). It can be produced only with a presence
of matrix cracking, more precisely if the matrix in the adjacent plies is cracked and
the interior ply is saturated by matrix cracking. The impact energy is then trans-
mitted and propagated to the interface between plies which creates
delamination [11].

Globally in term of damage mechanism, the fiber fracture is appeared only after
matrix cracking and delamination. The fiber rupture can be detected on the contact
area due to high magnitude of local stress and on the non-contact surface due to
high bending stress [9–12].

The zone of delamination principally produced in the interface of ±450 of plies
in elliptical or butterfly form [13] and Fig. 15 especially for laminate using fabric

Fig. 12 Damage mechanism of laminate composite structure subjected to impact loading

Fig. 13 Matrix cracking scenario
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ply. Tsang [14] has completed the study and indicated precisely the location of
damaged fiber and matrix cracking as shown in Fig. 15. It is observed that the fiber
fracture happened along the fabric direction due to significant fibers curvature at
this location.

The evolution of contact force taken form impact experiment shows the damage
mechanism scenario as shown in Fig. 16 [15]. The experiments have been done on
carbon/epoxy fabric laminate of [0/0/0/0/0] subjected to spherical projectile with
two different levels of energy 0.6 and 1 J. The specimen has been fixed by circular
clamp support with diameter of 40 mm. From the graph of experimental result
using low impact energy (0.6 J), damage produced by the impact is in the form of
delamination as shown in the photo of damage. The contact force related to the

Fig. 14 Delamination due to impact loading

Fig. 15 Damage zone due to impact loading

Impact Study on Aircraft Type Laminate Composite Plate 167



delamination is found around 0.7 kN. At higher impact energy of 1 J, the fiber
fracture at lower surface has been observed at contact force of 0.95 kN which
consequently started by delamination at 0.7 kN. After drop of contact force due to
delamination, the loading is transmitted to the fibers which increase the force until
the maximum before the fibers break at its turn. However, the matrix cracking
which should happen before delamination is very difficult to observe and does not
change the smoothness of contact force curve.

2.4 Influence of Impact Parameters

2.4.1 Projectile Form

An experimental study of impact using different type of projectile has been proposed
by Mitrevski et al. [16]. Different shapes of projectile; hemispherical, ogival and
conical with the same diameter of 12 mm (Fig. 17) has been used for impact testing
with initial energy of 4 and 6 J on woven carbon/epoxy laminates [(45/0/45/0)
and (0/45/0/45)s]. It is found that the highest energy absorbed by specimen is for
conical projectile which also produce largest indentation depth. Bigger damage area
seems giving highest energy absorbed for the same laminate. The maximum contact

Fig. 16 Example of impact test on carbon/epoxy laminate
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force produces by hemispherical projectile with shortest duration of contact.
The damage threshold load which correspond to large drop of contact force and
indicates the initiation of damage is higher for hemispherical impactor followed by
ogival and conical projectile. Also the damage area gives different dimension for
different three projectiles as shown in Fig. 18 where hemispherical projectile pro-
duced bigger damage area followed by conical and ogival projectile.

2.4.2 Thickness and Fiber Directions

The work of Foussa [17] shows that the damage area varies linearly with damage
resistance parameter. The parameter relates to a measure of the damage radius at
certain angle from centre of impact. It is based on different bending strain between
two adjacent plies. The damage resistance parameter is depending on the stacking
sequence and damage area. The impact tests were performed using spherical
projectile of 15.9 mm and 24 plies of laminate plate and the obtained damage area
in function of stacking sequence is shown in Fig. 19.

Fig. 17 Three different
shapes of projectile;
hemispherical, ogival and
conical

Fig. 18 Damage area due to impact using different projectile shape
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It is found that the relation is highly linear, therefore the damage area can be
predicted based on damage resistance parameter which is calculated based on the
stacking of laminate.

The effect of thickness of laminate subjected to impact loading has been studied
by Belingardi [18] using laminate of (0/60/-60) and (0/90). The number of ply for
each laminate is varying from 4, 8 and 16 layers describing the different thickness of
laminate. The plate is impacted using different level of energy impact; 5, 13, 38 J to
obtain three different phenomena in impact such as impact with rebound, stop and
perforation. It is found out that the threshold force and maximum contact force vary
linearly with the thickness as shown in Fig. 20 for both stacking (0/60/-60) and
(0/90). Linear relationship between force and thickness of plate seems valid only at
the range of impact loading used for the experiment. Therefore, the threshold and
maximum force can be predicted for a certain thickness of laminate.

3 Analytical Study of Laminate Composite
Structure Subjected to Impact Loading

The first mathematical model dealt with contact force law relates to the contact
force with the indentation depth. A comprehensive study on contact force for
orthotropic material, quadratic contact surface and in elastic linear domain has

Fig. 19 Prediction of damage area in function of damage resistance parameter for different
stacking sequence

170 Y. Aminanda



been proposed by Hertz. One of the proposed contact laws is called Meyer’s Law
[19] that can be expressed in the form:

F ¼ kan ð5Þ

where F: contact force and a: indentation depth.
The equation allows generalizing the contact force of Hetrz beyond the initial

study with the value of coefficients k and n is determined adequately. For example,
for laminate plate, Yang [20] proposed to use the value of k as the following:

k ¼ 0:75 E
ffiffiffi
R
p� �

ð6Þ

with1
R ¼ 1

R1
þ 1

R2
and 1

E ¼
1�#2

1
E1
þ 1

E2
:

R1, E1, and m1 are the radius, Young’s modulus and Poisson’s ratio of projectile
while R2 and E2 are the damage radius and transverse stiffness of the structure.
Other work proposed the equation as the following:

F ¼ ka1:5n at loading phase ð7Þ

F ¼ Fm
a� a0

am � a0

� �q

at unloading phase ð8Þ

Where subscription m indicates the maximum value and a0 indicates residual
of indentation which equals to zero below certain threshold value of acritical.
The value of acritical equals to 0.1016 mm for carbon/epoxy laminate plate.
An indentation test on laminate plate allows determining the value of n = 1.5
and q = 2.5 which match in general with the coefficients for solid contact. The
equation is valid also for general case of indentation such as for sandwich
structure with carbon/epoxy (02/902/02) skin with certain value of n, acritical and q.

Fig. 20 Threshold and maximum force variation in function of thickness/number of layer of
laminate plate
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Recent work by Choi [21] developed the contact law by proposing linearized
contact law with the equation below:

F ¼ k1a ð9Þ

with k1 ¼ F
1
3
mk

2
3:

K1 means for contact coefficient of the linearized contact law and Fm for the
predicted maximum contact force. The difference with the previous law is that the
value of Fm needs to be predicted first. It can be predicted using FEA model for
example. The method, since it is linear, becomes very robust and fast in term of
computation time. The result has been validated for 10 9 10 cm of laminate plate
(90/45/90/45/90)2s subjected to indentation with different boundary conditions at
its four sides.

The contact law model proposed above did not take into account in the equation
the stacking sequence and anisotropic or orthotropic behavior and is valid only for
small displacement. To overcome the limitations, Aboussaleh [22] proposed that
the contact force can be represented as double Fourier series. A function of Green
was constructed to solve the governing equation of contact force. With the
hypothesis that the tangential stresses vary in the thickness of plate following a
specific law and in absence of load at the external surface, the equations below can
be drawn.

sxz ¼ a1
z f1 zð Þ þ b1

z

� �
; x; yð Þ ð10Þ

syz ¼ a2
z f2 zð Þ þ b2

z

� �
u x; yð Þ ð11Þ

Where ; x; yð Þ and u x; yð Þare the arbitrary functions, f1ðzÞ and f2ðzÞare the
function characterizing the variation law of tangential stresses with thickness of
laminate. bz

1 and bz
2 are constants and varied from one ply to another. From

bending of thick and especially thin plate, the stresses along the thickness fol-
lowing quadratic law. The function f1ðzÞand f2ðzÞcan be proposed then as:

f1 zð Þ ¼ f2 zð Þ ¼ 1
2

h2

4
� z2

� �
ð12Þ

With this equation the contact force can be calculated and the result is in good
correlation with test results for different stacking sequence, thickness and pro-
jectile diameter as shown in Fig. 21.

Other analytical model used mass-spring model [19]. The model is appropriate
for impact velocity within the range where the equivalence quasi-static/dynamic is
verified. The model of mass-spring can be seen in Fig. 22 where mass M1 and M2

correspond to projectile mass and effective mass of impacted plate. The spring
coefficient kc represents the stiffness of nonlinear contact, kb bending stiffness and
ks shear stiffness of plate, km stiffness of membrane due to non-linearity of
geometry. In general, mass M2 is neglected and the stiffness km remains small and
for the case of small displacement, all stiffness kc, kb, ks in series are linear and can
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be replaced by one spring k. The integration of movement equation becomes
simple and gave the expression of maximum contact force as:

Pmax ¼ V kM1ð Þ2¼ 2Ukð Þ0:5 ð13Þ
where U: impact energy and V: impact velocity.

The equation remains valid in the elastic domain of material. The proposed
equations and analytical model allows modeling the impact globally for simple
geometry of projectile. The equations did not allow analyzing completely the
indentation and did not suit for identification of initial damage, nature and
geometry of damage.

Fig. 21 Comparison of
contact force with different
contact law

Fig. 22 Mass-Spring model
of impact
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To simulate complex behavior of laminate plate including delamination,
damage area and fiber failure involving the state of stress at each ply, numerical
model such as finite element analysis is employed extensively. This FEA model
will be explain later, but to be able to create the element and simulate the
failure, criteria of matrix cracking, delamination and fiber fracture will be
described in the next subchapter.

4 Failure Criteria and Failure Modeling
of Laminate Composite

As mentioned previously that the damage mechanism of laminate subjected to impact
loading in most of the case is started by matrix cracking followed by delamination
and fiber fracture. This chapter describes the available mathematical model for the
three failure modes as stated in different research papers. The numbering of directions
for all criteria described in this sub-chapter is indicated in the Fig. 23:

4.1 Matrix Cracking

4.1.1 Matrix Cracking Criteria

Chang–Chang [23] has proposed for the case of tension loading in transverse
direction (r22 [ 0), a criteria appearing only for in-plane state of stress. The
criteria proposed that matrix cracking occurs if:

r22

YT

� �2

þ s12

S12

� �2

� 1 ð14Þ

where YT : normal stress strength of matrix in tension and in transverse direction.
S12: in-plane shear stress strength of matrix

The criteria did not take into account the shear stress s23, whereas it has a
significant effect on matrix cracking produced by shear stresses. Hou [24] has
proposed an improvement of criteria as the following:

Fig. 23 Definition of
direction in monolayer ply
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r22

YT

� �2

þ s12

S12

� �2

þ s23

Sm23

� �2

� 1 ð15Þ

where Sm23 is the shear strength of matrix perpendicular to fiber direction.
Hashin [12] proposed also a criterion which distinguishes tension and com-

pression normal stress. Moreover, the criteria introduced the contribution of nor-
mal stress r33 acting perpendicularly to the laminate plane.

In the case of tension stress in transverse direction, matrix cracking is defined as
the following:

r22 þ r33ð Þ2

r2
MNT

þ
s2

23 � r22r33
� �

r2
MS

þ
s2

12 þ s2
13

� �
r2

FS

� 1 ð16Þ

For the case of compression stress in transverse direction:

rMNC

2rMS

� �
� 1

� �
r22 þ r33ð Þ

rMNC

þ r22 þ r33ð Þ2

4r2
MS

þ s2
23 � r22r33

s2
MS

þ s2
12 þ s2

13

s2
FS

� 1

ð17Þ

where MNT: normal strength of matrix in tension
MNC: normal strength of matrix in compression
rMS : shear strength of matrix
sFS : shear stress strength of fiber.

Another criterion has been proposed by Gosse and Mori [25] which is simpler
in the form:

r22 þ r33ð Þ
2Y

þ 1
Y

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
r22 þ r33ð Þ2

4
þ s2

23

s
� 1 ð18Þ

where Y: normal stress strength in tension.
To conclude the long list of matrix cracking criteria, Tsai–Wu [26] proposed a

general criterion in quadratic form as the following:

r2
11

XX0
þ r2

22 þ r2
33

YY 0
þ s2

12 þ s2
13 þ s2

23

S2
þ r11r22 þ r11r33ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

XX0YY 0
p

� r22r33

YY 0
þ r11

1
X
� 1

X0

� �
þ r22 þ r33ð Þ 1

Y
� 1

Y 0

� �
� 1 ð19Þ

with X : normal stress strength in tension in direction 1
X0 : normal stress strength in compression direction 1
Y : normal stress strength in tension in direction 2
Y0 : normal stress strength in compression in direction 2
S : shear stress strength (supposedly the same in all direction)
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4.1.2 Modeling of Matrix Cracking

Globally, modeling of matrix cracking was done by degrading certain mechanical
properties on the elements. MAJEED [27] used Belytschko–Tsay beam with one
integration point per ply for modeling a laminate plate (-45/45/90)3s. Once
Chang–chang criterion is fulfilled at the integration point of element, degradation
of mechanical properties is imposed using E2 = G12 = m1 = m2 = 0. It is a brutal
degradation that would create problem during computation especially for high
speed dynamic loading.

Hou [24] used eight points solid element. The laminate is modeled by one
element per ply. The properties degradation inside plies is modeled using fracture
mechanic. The degradation of E1 (when r22 [ 0) and G12 are deteriorated by
parameters which dependent only on time. Consequently, stresses r22 and s12 are
decreasing and become zero at certain time. It is an improvement model compared
to the previous one, however it is evident that the dependency of parameter to
temporal variable alone would not satisfied.

The researches were led then to more complex modeling. McCarthy [28] used a
bi-phase law which allows attributing different properties to fibers and matrix.
It allows modeling the fiber fracture and matrix cracking separately. The stiffness
matrix of ply is obtained by combining the stiffness of fiber and matrix:

Cpli ¼ Cfiber � Cmatrix ð20Þ

The damage is controlled by the law as presented in Fig. 24. The FEA code
(PAM-CRASH) utilized for the study allows calibrating the strain–stress curve of
matrix. The strain values of ei, e1, eu is defined by its damage parameter corre-
sponding to e1 and eu, noted as d1 and du. To avoid the instability numerical
computation, eu has been choose big enough from e1 in order to obtain non-brutal
degradation. For e[ eu, residual strain non-zero is defined.

The proposed model was considered complex by Gauthier [29] taking into
account significant number of parameters to be identified. Effectively, for matrix, it

Fig. 24 Damage evolution law for matrix
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is necessary to determine the parameters for normal and shear stresses in tension
and compression in the same time. In total, there are 30 parameters to be deter-
mined which need significant number of test to identify them.

4.2 Delamination

4.2.1 Delamination Criteria

The process of delamination from matrix cracking has been explained in the previous
sub-chapter. In this sub-chapter different principal delamination criteria are pre-
sented which in most of the case in form quadratic form as for matrix cracking.

Hashin [12] proposed a criteria without taking into account the sign of r33,
which leads to the limitation of its application for compression (r33 \ 0). The
criterion is written as the following:

r33

rDN

� �2

þ s2
23 þ s2

13

s2
DS

� 1 ð21Þ

where: rDN: normal strength of ply
sDS: delamination strength of ply due to shear

Brewer and Lagace [30] did not take into account either the sign of r33 and
proposed a similar criteria with Hashin and identical with criteria proposed by
Chang and Springer [31] in the form :

r33

ZT

� �2

þ s2
23

S2
l23

þ s2
31

S2
31

� 1 ð22Þ

Where S13: shear strength in plane 13
Sl23: delamination shear strength in plane 23
ZT: normal strength along thickness direction.

Hou et al. [32] proposed an improvement criterion which takes into account the
advantage of compression loading to withstand delamination and in the same time
authorizing delamination produced by weak compression and high shear stress.
The criterion takes into account then the sign of r33. The criterion distinguished
three cases:

• When r33� 0: This case is the most probable to create delamination.

r33

ZT

� �2

þ s2
23 þ s2

13

dþ dmsdfsð ÞS2
13

� 1 ð22aÞ

• When�
ffiffiffiffiffiffiffiffiffiffiffi
s2

23þs2
13

8

q
� r33� 0: This is the case where even having compression

stress, the delamination still occurs due to significant shear stress:
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s2
23 þ s2

13 � 8r2
33

dþ dmsdfsð ÞS2
13

� 1 ð23Þ

• When �
ffiffiffiffiffiffiffiffiffiffiffi
s2

23þs2
13

8

q
[ r33. There is no delamination.

With S13 : shear strength in plan 13

ZT : normal strength in thickness direction
dms : damage coefficient of matrix in tension, varied from 0 to 1.
dfs : damage coefficient of fiber fracture, varied from 0 to 1.

d : ratio of interlaminate shear before and after appearance of damage in matrix
or fiber.

Other research works improved the Brewer and Lagace criterion. The evolution
of delamination criteria can be then summarize as the following:

• Criteria (no 1) without taking into account the advantage of compression stress
r33.

• Criteria (no 2) which taking into account the advantage of compression stress
r33

• Criteria (no 3) describing the possibility of delamination under presence of
compression stress r33 due to significant shear stress in transverse direction.

The 3 criteria are described in the Fig. 25 where the grey zone indicates the
possible appearance of delamination.

Another simpler criterion has been proposed by Zhang [1] in the form:
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
s2

13 þ s2
23

q
� ILSS or r33 [ T3t ð24Þ

Fig. 25 Criteria evolution of Brewer and Lagace
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Where ILSS: interlaminate shear strength
T3t: normal strength in the thickness direction

This criterion did not take into account the coupling between out-of-plane shear
stress and tension stress which nevertheless represent the physical reality of
phenomena found from the previous works.

4.2.2 Modeling of Delamination

The modeling of delamination found in the literature can be grouped into two
categories:

• Plies separation using interface element

Each ply is meshed independently and two plies are joints by rigid link con-
necting the double nodes from each side of ply. The rigid connection is removed
once the delamination criteria occur at the node or at the element of ply.

• Mechanical Properties degradation

Delamination is represented by mechanical properties degradation integrated in
the stiffness matrix of the elements where delamination is detected.

Using Interface Elements Without Mechanical Properties Degradation

Zhang [1] proposed a simple model where it is assumed that the location of
delamination is known. Half parts of laminate; upper and lower of interface where
the delamination is supposedly occurred are modeled as shell elements
(see Fig. 26). The elements are then joints by rigid link and delamination will
occurs if the criteria set previously are fulfilled.

Different methods used to representing the link between plies were proposed by
Fleming [33]. It was proposed using different type of element;

• Spring element with specific fracture criteria (Force based tied connection)
• element using force–displacement law including the degradation law (Cohesive

Fracture model)

Fig. 26 Delamination
modeling by Zhang
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• and element using a law based on energy method where certain level energy
propagates the initial delamination crack (Virtual Crack closure technique,
VCCT).

The method of Force based tied connection used springs element joining nodes
of 2 adjacent ply with the rupture criterion of the spring that can be written as the
following:

FN

FNC

� �an

þ FS

FSc

� �as

� 1 ð25Þ

with FN : normal force in the direction of rigid link
FS : tangential force
FNC : normal force at rupture
FSc : tangential force at rupture
an, as : parameters which govern interaction between modes of rupture.

However the force FNC is difficult to be determined. The value is taken as
FNC * rult*Ae where Ae is the area around spring.

The cohesive fracture model used a force–displacement relation in the interface
layer following certain form of law as presented in Fig. 27. The law avoids brutal
separation between nodes, reduces numerical instability and allows dissipating the
energy of system.

For virtual crack closure technique (VCCT), it is based on hypothesis that the
necessary energy to propagate initial crack is equivalent to work done to bring the
fissure back to the initial length. The nodes at the adjacent plies are joints using
unidirectional elements. The rate of energy restitution in mode I can be written as:

GI ¼
1

2DA
FI usup � uinf

� �
ð26Þ

With FI : interface force in mode I direction
usup, uinf : nodes displacement in the adjacent plies in the vicinity of

initial crack.
DA : increment of fissure surface which depends on the element size just beside

the fissure.
The rate of restitution energy in mode II and III is written in the similar manner as

GII ¼
1

2DA
FII vsup � vinf

� �
ð27Þ

Fig. 27 Evolution of force as
function of displacement
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GIII ¼
1

2DA
FIII wsup � winf

� �
ð27aÞ

The failure criterion is proposed as the following:

GI

GIc
þ GII

GIIc
þ GIII

GIIIc
¼ 1 ð28Þ

The limitation of these methods relates by the fact that it simulates only the
plies separation during delamination. The mechanical properties degradation
during impact inside the plies is not taken into account. The degradation of plies,
matrix cracking for example, seems important to be modeled to obtain a reason-
able distribution of stress before delamination.

That is the reason, research works interested in developing more complex element
taking into account the mechanical properties degradation and interface layer as well.

Using Mechanical Properties Degradation

The delamination is represented by reduction of mechanical properties inside plies.
It creates the complex reduction of stresses related to the reduction of mechanical
properties. Hou [32] modeled laminate composite by solid element (eight nodes)
along the ply thickness. The mechanical properties are degraded progressively to
zero to simulate the diminution of stress r33 (for r33 [ 0), s13 and s23 in the
element where the failure criteria is fulfilled. The comparison with experimental
result is shown in Fig. 28 where the model correlates well with experimental
result.

Another approach has been proposed by Bonini [34] where the laminate is
modeled by 3D element using one element for each ply. The elements are created
using double nodes in the interface which are subjected to a continuity condition of
acceleration in 3 directions of space (see Fig. 29).

The delamination is presented by contact loss between two nodes in the
interface. The condition of contact is imposed in such that after losing it, the two
plies cannot be interconnected anymore.

Walrick [35] proposed a model using multi-layer shell element. A thin interface
layer is introduced between plies prior to delamination. The failure due to
delamination is presented with damage parameters d and d0 which affect the
stiffness matrix as the following:

• In the case of normal stress in transverse direction with cracking (r22 [ 0)

r11

r22

s12

2
4

3
5 ¼

E0
11

1�#0
12#

0
21 1�d0ð Þð Þ

#0
21E0

11 1�d
0ð Þ

1�#0
12#

0
21 1�d0ð Þð Þ 0

#0
12E0

22 1�d
0ð Þ

1�#0
12#

0
21 1�d0ð Þ

E0
22 1�d

0ð Þ
1�#0

12#
0
12 1�d0ð Þ 0

0 0 G0
12 1� dð Þ

2
6664

3
7775

e11

e22

c12

2
4

3
5 ð29Þ
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• In the case of r22 \ 0, only shear stress causes the failure:

r11

r22

s12

2
4

3
5 ¼

E0
11

1�#0
12#

0
21ð Þ

#0
21E0

11

1�#0
12#

0
21ð Þ 0

#0
12E0

22

1�#0
12#

0
21

E0
22 1�d

0ð Þ
1�#0

12#
0
12

0

0 0 G0
12 1� dð Þ

2
6664

3
7775

e11

e22

c12

2
4

3
5 ð30Þ

The parameters d and d0 follow a degradation law described by Ladeveze and
determined experimentally [36]. The detection of delamination is based on the
evolution of energy density in the interface level that it can be expressed in
function of stresses:

Fig. 29 Delamination model by Bonini

Fig. 28 Comparison experimental result and simulation using Hou model
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dW

d#
¼ 1þ #

6E
r1 � r2ð Þ2þ r2 � r3ð Þ2þ r3 � r1ð Þ2

h i
þ 1� 2#

6E
r1 þ r2 þ r3ð Þ2

ð31Þ

The criterion is coupled with Tsai–Hill one. The delamination is translated by
brutal increment of parameters value near to 1 when the drop of energy density
reaches 20% and near to 0.1 when Tsai–Hill criterion is detected simultaneously.
These critical values are determined empirically.

Ladeveze and Allix [36] used meso-model to simulate the behavior of laminate
subjected to impact loading. The method is based on the irreversible process of
thermodynamic theory where the state of material can be determined by knowing
its certain internal parameters. For the case of isothermal elastic-damage, it is
related to strain e and damage parameters di.

The model is performed on the level meso-structure of laminate which means
that the ply is considered homogenous along its thickness. The laminate is then
defined by 2 components; shell and interface elements (see Fig. 30).

The shell undergoes the degradation due to micro-cracking of matrix, detach-
ment fiber-matrix and fiber fracture while the interface simulates the delamination
in mode I, II and III.

For non-damaged interface, deformation energy can be expressed as the
following:

ED ¼
1
2

k0
3 U3ð Þ2þk0

1 U1ð Þ2þk0
2 U2ð Þ2

� �
¼ 1

2
r2

33

k0
3

þ s2
31

k0
1

þ s2
32

k0
2

� �
ð32Þ

Where (U) is the different displacement between upper and lower surface of 2
adjacent plies with (U) = U+ - U- = (U).N1 ? (U).N2 ? (U).N3 and k1

0, k2
0, k3

0

are the initial stiffness elastic of interface (k0
1 ¼ k0

2 ¼ k0
3 ¼ 0 implicate the com-

plete separation between surfaces). The relation between stresses and different
displacement (U) is based on the orthotropic of interface and can be expressed as
the following:

s13

s23

r33

2
4

3
5 ¼

k0
1 0 0

0 k0
2 0

0 0 k0
3

2
4

3
5 U1

U2
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2
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3
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Fig. 30 Defintion of direction in the interface for Ladeveze et Allix model
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The strain energy of damaged interface is expressed as the following:

ED ¼
1
2

r2
33sup

k0
3 1� d3ð Þ þ

�r2
33sup

k0
3

þ s2
31

k0
1 1� d1ð Þ þ

s2
32

k0
2 1� d2ð Þ

 !
ð34Þ

Where d1, d2, d3 are the damage parameters associated to 3 modes of micro-
cracking opening in the principle directions of interface. The thermodynamic
forces associated to 3 damage parameters, and based on second law of thermo-
dynamic, can be derived as follow:

Yd3 ¼
oED

od3

				
r¼cst

¼ 1
2

r33ð Þ2sup

k0
3 1� d3ð Þ2

in Mode I

Yd2 ¼
oED

od2

				
r¼cst

¼ 1
2

s32ð Þ2sup

k0
2 1� d2ð Þ2

in Mode II ð35Þ

Yd1 ¼
oED

od1

				
r¼cst

¼ 1
2

s31ð Þ2sup

k0
1 1� d1ð Þ2

in Mode III

The parameter which controls the damage evolution is defined as the following:

Y ¼ Yd3 þ c1Yd1 þ c2Yd2ð Þ with Ydijt¼
supYdijs
s� t

ð36Þ

c1 and c2 are the coupling parameters and the 3 damage laws can be defined as:

d3 ¼ d1 ¼ d2 ¼ wðYÞ if d3 \ 1

d3 ¼ d1 ¼ d2 ¼ 0 otherwise ð37Þ

with w Yð Þ ¼
ffiffiffi
Y
p
�
ffiffiffiffi
Y0
pffiffiffiffi

Yc
p
�
ffiffiffiffi
Y0
p if Y [ Y0, w(Y) = 0 otherwise

Y0 represents the threshold of damage energy, Yc for critical damage energy
and again Yo, Yc, c1 and c2 are determined experimentally.

To improve the model for high velocity impact, Ladeveze proposed a delay effect
which consists of describing the parameter evolution d with a certain delay in function
of time. For a simple case of single direction, the evolution can be expressed as:

d ¼ k

a
1� expð�aw Yð Þ � d½ � if d \ 1

d ¼ 0 otherwise ð38Þ

k and a are the parameters characterizing the delay.
The model imposed a rate of damage maximum (k/a) depending on material

used for laminate and consequently avoided the problem caused by severe impact
producing too high damage speed and returning ineffective the delay effect.
The advantage of the model is in prediction the damage phenomena and
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delamination. It is a possible model for simulation using plies by plies element or
using multi-layer element.

4.3 Fiber Failure

The equation for fiber fracture criterion seems similar to delamination one. It is
considered normal stress in fiber direction and in-plane shear stresses s12 and s13

for the failure criterion. The failure criteria proposed by Chang–Chang [23] is in
the form:

e2
f ¼

r11

XT

� �2

þ s12

S12

� �2

� 1 ð39Þ

With XT : normal stress strength in fiber direction
S12 : In-plane shear stress strength

Hou [24] proposed a modification on the criterion by taking into account the
shear stress s13 having the same effect as s12. It should be noted that the shear
strength for fiber fracture is taken independently from matrix one. The modifica-
tion law proposed by Hou is expressed as the following:

e2
f ¼

r11

XT

� �2

þ s2
12 þ s2

13

S2
f

 !2

� 1 ð40Þ

with Sf : shear strength of fiber.
The modeling of fiber fracture follows the same reflection as for delamination

which has been explained in the previous sub-chapter. The damage of fiber fol-
lowed an evolution of mechanical properties degradation as for in the delamination
(di) with certain law. The criterion is expressed in term of stress, it could be
interesting to find out a criterion based on strain which would be simpler to be
implemented for numerical analysis.

5 Discussion and Conclusion

In this chapter the experimental set up and method of impact testing has been
detailed. The method to obtain the contact force and energy absorption by the
specimens seems becoming a standard method for this type of testing. It can be
used for different type of specimen since all calculation is derived from history of
force given by load cell and initial velocity obtained from displacement sensor
using laser or optical system located in the contact surface level.

The analyzing of experimental results in term of velocity, force and energy
absorption during impact explains the damage mechanism in term of threshold of
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initiation damage, delamination and fiber fracture. The absorption energy capa-
bility of laminate plate can be determined as well.

The effect of parameters such as boundary conditions, projectile shape, lami-
nate thickness, fiber direction and others has been highlighted. The study on the
effect of parameters gave a qualitative tendency on energy absorption and contact
force which seemingly would be different for different material.

The failure criteria have been also detailed form the simplest until the latest
one. The highlighted failure criteria includes for matrix cracking, delamination and
fiber fracture. The model to simulate the laminate failure subjected to impact
loading consists of proposing an element with failure criteria integrated to it as for
matrix cracking. For delamination, there are 2 proposed models; without interface
layer and with degradation of mechanical properties. The interface layer element
integrates the degradation mechanical properties law where at certain values the
layer will be separated. The parameters involves in the degradation law has to be
determined experimentaly. A complete model to simulate delamination has been
proposed by Ladeveze where the matrix cracking is simulated by degradation at
the ply element to give a real stress distribution before delamination, and
delamination is simulated by interface layer using simulation at meso-structure
level. The failure criteria and its element model which have been proposed in this
study become the basis for simulation using finite elements analysis and are
integrated to the elements definition in the latest version of FEA software.

Finally, the aim of the simulation is to be simple and robust to be used for
industrial application where the structure becomes complex and needs high
number of elements to be run. High number of elements with non-linear law of
failure criteria would lead to divergence of computation. Therefore a simple failure
criteria and its related elements to simulate all three failures; matrix cracking,
delamination and fiber fracture still need to be investigated. An array of spring
located at double nodes at the adjacent plies, for example, seems a good candidate
to simulate the delamination where its force–displacement law can be determined
using experiment of fracture mechanics. The development of special element
where a solid element can be divided into two element of shell once the delami-
nation criterion is fulfilled, becomes also a direction of research in FEA area.
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The Blast Response
of Sandwich Structures

M. Yazid Yahya, W. J. Cantwell, G. S. Langdon
and G. N. Nurick

Abstract This project studied the response of sandwich panel subjected to blast
loading. The panels were based on two different face sheets (aluminium and
woven glass-fibre/epoxy) and an aluminium honeycomb core. Experimental
studies were carried out to analyse the effect of skin and core thickness on the blast
response of the panels. The sandwich panels with glass-fibre/epoxy face sheets
exhibited delamination in the face skin and core crushing, whereas failure in the
sandwich panels with aluminium skins involved permanent visible indentation and
core crushing. It was concluded that the composite-skinned sandwich structures
offered a superior blast resistance to the aluminium-skinned system.

Keywords Sandwich panels � Blast � Honeycomb � Composite

1 Introduction

Composite materials, such as sandwich structures are finding increasing use in a
number of primary aircraft structures. One particularly interesting development is
the use of sandwich structures in the manufacture of the fuselage of the Boeing
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787 Dreamliner. In recent years there have been a number of instances of
explosions or blasts occurring within pressurized aircraft fuselages, with one of the
most recent being the bursting of an oxygen cylinder in a Qantas Airlines aircraft
in July 2008. However, in spite of the fact that the dynamic response of composites
has been investigated by a large number of workers, relatively little work has been
conducted to investigate the blast response of sandwich structures.

Zu et al. [1] investigated the effects of different face-sheet and core configu-
rations on structural response of sandwich structures, i.e. face-sheet thickness, cell
size and foil thickness of the honeycomb. They found that specimens with thicker
face-sheets, a higher density core and loaded by larger charges tended to exhibit
localised deformation on the front face and those with thinner skins and a low
density core and subjected to lower level blasts were prone to deform globally.
Based on a quantitative analysis, it was also been found that the face-sheet
thickness and relative density of core structure can significantly affect the back
face deformation. It was evident that the back face deflection increased with
impulse in an, approximately linear fashion.

For blast resistant applications, Hansen et al. [2] investigated the response of
aluminium foam, on a rigid back plate, to close range explosions. Foam offered the
potential to absorb the impulse arising from the relatively short blast duration, high
pressure shock front and modify it for transmission through the foam (or in fact,
any cellular material) into a longer duration, lower magnitude force. This offers
potential for controlled energy absorption and reduced force transfer compared to
equivalent solid plates, although the mechanisms of shock transfer are still not
fully understood.

Karagiozova et al. [3] presented an experimental and numerical investigation
into the response of flexible sandwich-type panels subjected to blast loading. The
response of sandwich-type panels with steel plates and polystyrene cores were
compared to panels with steel plates and aluminium honeycomb cores. The panels
were loaded by detonating plastic explosive discs in close proximity to the front
face of the panel. The numerical model was used to explain the stress attenuation
and enhancement of the panels with different cores, when subjected to blast-
induced dynamic loading. The permanent deflection of the back plate was deter-
mined by the velocity attenuation properties (and hence the transmitted stress
pulse) of the core. Core efficiency in terms of energy absorption is an important
factor for thicker cores. For panels of comparable mass, the aluminium honeycomb
cores performed better than those with polystyrene cores.

McKown et al. [4] investigated the behaviour of lattice structures under blast
loading. The blast resistance of the lattice structures increased with increasing
yield stress and was shown to be related to the structures specific energy-absorbing
characteristics.

Radford et al. [5] studied the dynamic responses of clamped circular monolithic
and sandwich plates of equal areal mass by loading the plates at their mid-span by
metal foam projectiles. The sandwich plates comprised stainless steel face sheets
and aluminium alloy metal foam cores. It is found that the sandwich plates offer a
higher shock resistance than monolithic plates of equal mass. Further, the shock
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resistance of the sandwich plates increased with increasing thickness of sandwich
core. Finite element simulations of these experiments were in good agreement with
the experimental measurements and demonstrated that the strain-rate sensitivity of
stainless steel plays a significant role in increasing the shock resistance of the
monolithic and sandwich plates.

Fleck and Deshpande [6] proposed an analytical model for predicting the finite
deflection response of clamped sandwich beams subjected to shock loading,
including the effects of fluid–structure interaction. They demonstrated the accuracy
of their analytical model in the case of no fluid-interaction, by direct comparison
with the finite element calculations of Xue and Hutchinson [7] for clamped
sandwich beams.

Sriram and Vaida [8] modelled aluminium foam sandwich composites sub-
jected to blast loads using LS-DYNA software. The sandwich structure was
manufactured using laminated face sheets and an aluminium core. Damage pro-
gression in the sandwich occurred by ‘dishing’, which increased with increasing
severity of the blast.

It is clear that there are still many unanswered questions regarding the response
of sandwich panels to blast loading. In this paper, the results of blast loading
experiments on two types of sandwich panel are presented. The panels were all
based on the same honeycomb core but had differing face-sheet materials (glass-
fibre reinforced epoxy or aluminium alloy) and core heights (13 and 25 mm). The
materials were chosen on the basis that they were commercially available from the
same company (Hexcel) and thus the core material could be assumed to be con-
sistent across the test range.

2 Experimental Procedure

The aluminium honeycomb sandwich structures examined in this study, Aeroweb
3003, were supplied in the form of large flat panels by Hexcel Ltd. The 0.6 mm
thick composite skins in the sandwich structures were based on a woven glass-fibre
reinforced epoxy with a fibre volume fraction of 55% [9]. The density of the
aluminium honeycomb was 84 kg/m3 and the cell size (face to face) was
approximately 6 mm. Two thickness of aluminium honeycomb core were inves-
tigated, these being 13 and 25 mm. The Aeroweb 3003 panels are a lightweight,
high performance structural sandwich panel. The panel exhibits superior
mechanical and physical properties, it is easy to install and can be readily cut and
machined in the laboratory or workshop. A summary of the key mechanical and
physical properties of these panels is given in Table 1. The panels were cut using a
diamond circular saw to minimise the amount of damage incurred during the
preparation process.

The second sandwich panel investigated in this study was based on an alu-
minium alloy honeycomb core and aluminium alloy face sheets. Core thicknesses
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of 13 and 30 mm were used in this study. A summary of the physical properties of
the honeycomb is given in Table 2.

3 Ballistic Pendulum

A ballistic pendulum was used to measure the impulse imparted to the test plate.
The ballistic pendulum consisted of a steel I-beam suspended on four spring steel
cables as shown in Fig. 1. The spring steel cables were attached to the I-beam of the
ballistic pendulum by four adjustable screws. The pendulum was levelled by
adjusting the screws and verified using a spirit-level. Counter-balancing masses were
attached at one end of the I-beam. The I-beam balancing masses are used to counter
the mass of the test rig attached on the other end of the ballistic pendulum, ensuring
that all four spring steel cables carry the same load. The impulse generated by the
explosion is then transmitted through the centroid of the pendulum. A soft tipped
recording pen was attached to the pendulum at the same end as the counter-balancing
masses, to record the oscillation amplitude of the pendulum on a sheet of tracing
paper. The oscillation is directly related to the impulse transmitted to the test
specimen.

In order to calculate the impulse from the tracing paper, several measurements
need to be taken off the apparatus.

4 Compression Properties of the Sandwich Structures

Typical force–displacement curves following compression tests on the aluminium
skin/honeycomb core sandwich structures (13 and 30 mm thick cores) and the
glass-fibre/epoxy skin honeycomb core sandwich structures (13 and 25 mm thick

Table 1 Mechanical
properties of the Aeroweb
3003 aluminium honeycomb
core [9]

Property Specification

Density (kg/m3) 84
Cell size, l (mm) 6.4
Foil thickness, t (mm) 0.064
E11 (MPa) 0.947
V12 0.3

Table 2 Mechanical
properties of the aluminium
honeycomb core [10]

Core thickness
(mm)

Cell size
(mm)

Foil thickness
(mm)

Density
(kg/m3)

13 5.7 0.080 96
30 6.4 0.064 84

192 M. Y. Yahya et al.



cores) are shown in Figs. 2 and 3. From the figures, it is apparent that all the
graphs exhibit a linear load–displacement trace until the maximum load is reached.
After the peak load, a sharp drop is observed. These curves agree with those of
Aminanda et al. [11] and Othman and Barton [12] following tests on woven carbon
skin/honeycomb sandwich structures. During testing, a folding mechanism started
roughly in the middle of the sample as can be seen in Fig. 4. This is in contrast to
the previously reported findings by Wu and Jiang [13], where the buckling of the
aluminium honeycomb core was found to initiate from the upper surface and move
progressively downwards.

The average values of compressive strength for the 13 mm thick aluminium
skinned system were 4.68 and 4.04 MPa for the 30 mm thickness system.
In contrast, the values of compressive strength for the glass-fibre skin honeycomb
core are quite similar for both thicknesses, those being 3.16 (13 mm thick) and
3.12 MPa (25 mm thick).

Paik et al. [14] conducted crushing tests on aluminium honeycomb sandwich
panel specimens, varying the cell thickness and height of the honeycomb core.
They showed that the core height is not a significant parameter in the crushing
behaviour of the honeycomb core. As would be expected, however, the wall
thickness of the honeycomb cell has a more pronounced effect on the crush
strength of sandwich panels subjected to longitudinal load.

5 The Blast Response of the Sandwich Structures

A total of 23 experiments were conducted to evaluate the structural response of
sandwich panels under blast loading. Charges with four different mass were used;
1.5, 2.0, 2.5 and 3.0 g, to produce different levels of impulses. The impulses,

Fig. 1 Schematic of the ballistic pendulum
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deflections and failure modes for the sandwich panels after testing are given in
Table 3.

6 Experimental Observations

Based on the configuration of the sandwich panel, the deformation and failure
modes of specimens observed following the tests can be classified with respect to
the front face sheet, core and back face sheet.

Figures 5, 6, 7, 8, 9, 10, 11, 12 show the front and back faces of the sandwich
panels after testing and optical micrographs of the damaged specimens. The
permanently deformed profiles differ according to the distance between the plastic
explosive and the test specimen. The back face sandwich profile resembled a
uniform dome shape, as shown in Figs. 5, 7, 9 and 11. The profiles are similar to
those reported by Teeling-Smith and Nurick [16] following blast tests on uni-
formly-loaded circular steel plates. The load distribution is assumed to be uniform
over the panel area for stand-off distances between 90 and 180 mm. For lower
stand-off distances (i.e. between 45 and 65 mm), the plate resembles a smaller
inner dome superimposed on a larger global dome, as shown in Figs. 5a and 7a.
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This deformation profile concurs with the experimental observations reported by
Nurick and Martin [17] for circular plates loaded using disc-shaped plastic
explosive mounted directly on the test plate (i.e. subjected to localised blast
loading). The load distribution is considered to be localised to the centre of the
plate. It was found that both thicknesses exhibited similar failure modes.

6.1 Aluminium Skin/Honeycomb Core Sandwich Structure
With a 13 mm Thick Core

Figure 5 shows photographs of the front and back faces of panels following
impulse between 2.4 and 4.6 N s. All of the specimens exhibit a uniform dome
shape on the back face. The front face suffered a localised indention failure and
global deformation shape at an impulse 2.4 N s. Global deformation increased with
increasing impulse between 1.7 and 4.6 N s. The specimens subjected to impulses
of 2.4 and 2.7 N s showed typical Mode I (large inelastic deformation failure) and
the plate at impulse of 4.6 N s exhibited a Mode II* failure (large inelastic
deformation with tensile tearing at the end).

Fig. 4 Deformed compression samples for sandwich structures with (a) aluminium skins
(b) glass-fibre/epoxy skins
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Figure 6 shows typical cross-sections of the 13 mm thick aluminium skinned
honeycomb specimen after blast testing. Following an impulse of 2.4 N s, localised
buckling of some of core members is apparent in the lower segment, whereas the
upper segment on the cell wall remain straight and underformed. In Fig. 6b,
the honeycomb core is only partially crushed at the lowest impulse of 2.7 N s.
At the highest impulse of 4.6 N s, core debonding from the face skin was observed,
resulting in localised separation of the skin and core.

6.2 Aluminium Skinned Honeycomb Structures

Figure 7 shows photographs for the front and back faces of the aluminium skinned
honeycomb core with a thickness of 30 mm, subjected to impulses between 2.8 and
5.3 N s. Pitting damage on the front face and a small bulge occurs at the centre of
the back face in the panel subjected to an impulse 2.8 N s (localised loading).

Table 3 Blast tests results on the sandwich structures, sorted by skin type, panel thickness,
charge mass and stand-off distance (SOD)

Skin Specimen Charge

Mass g

SOD

mm

Panel

thickness mm

Impulse

Ns

Deflection

(mm) Front

Failure

Back

Failure

Mode

Aluminium

alloy

J1 1.5 45 13.90 2.4 13.16 6.23

J2 2.0 90 13.74 2.7 9.10 6.77

J3 2.5 180 13.80 4.6 19.55 – II* (lift)

K1 2.0 45 29.80 2.8 – 6.30 II (front)

K2 2.0 90 29.72 3.1 13.14 4.69

K3 3.0 90 29.80 4.7 20.76 9.56 II*(back)

K4 3.0 180 29.90 5.3 25.75 11.18 II*(back)

Composite L1 1.5 45 13.29 2.4 – 4.52 II (Front)

L2 1.5 90 13.55 2.8 6.18 4.74

L3 1.5 180 13.60 2.5 3.47 3.39

L4 2.0 90 13.60 3.3 9.34 7.29

L5 2.0 180 13.60 3.4 10.40 7.49

L6 2.5 180 13.00 4.7 13.47 13.71 II*(back)

M1 1.5 45 26.00 2.3 5.62 3.28

M2 1.5 90 26.14 1.7 0.61 0.38

M3 1.6 90 26.00 2.7 3.90 2.27

M4 1.5 180 26.10 3.1 3.47 2.03

M5 2.0 45 26.22 2.9 – 5.20 II (front)

M6 2.0 65 25.90 3.3 7.09 4.59

M7 2.0 90 26.20 3.8 9.04 4.64

M8 2.0 180 26.22 3.4 7.69 4.71

M9 3 90 25.90 4.9 14.23 9.39

M10 3 180 25.72 4.9 14.53 10.12

- Failure Mode II – Complete tearing Mode II* - Large inelastic deformation with partial tearing around part of the

boundary Mode I failure is defined as large inelastic deformation. Mode II as complete tearing and the transition

between the two failure modes is defined as Mode II* [15]
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The back face deformation profiles for all the panels have the shape of a uniform
dome. The global deformation mode increased with increasing impulse between
3.1 and 4.7 N s. Following an impulse of 5.3 N s, the front face skin exhibits a
crack in the centre and partial shear at the back face.

Figure 8 shows cross-sections of the specimens following testing. The speci-
men tested at an impulse 2.8 N s shows extensive core crushing through the
thickness in the centre and shear failure on the front and back faces. The deformed
honeycomb core shows a progressive deformation pattern, which is the similar to
that observed following low-velocity impact experiments [14]. At impulses

Fig. 5 Front and back surfaces of the 13 mm thick aluminium skinned sandwich structures after
blast testing (a) Impulse = 2.4 N s (Panel J1) (b) Impulse = 2.7 N s (Panel J2) (c) Impulse = 4.6 N s
(Panel J3)
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between 3.1 and 5.3 N s, progressive buckling is localised to the side adjacent to
the front face, and the cell walls remain virtually straight. This is consistent with
previous finding on the dynamic crush behaviour of square honeycomb sandwich
cores by Xue and Hutchinson [18]. Core crushing in these samples increases with
increasing impulse. Shear failure between the back skin and core occurred at
impulses of 4.7 and 5.3 N s.

6.3 Glass-Fibre Epoxy/Honeycomb Core Sandwich Structures
With a 13 mm Thick Core

Figure 9 shows photographs of the 13 mm thick glass-fibre/epoxy sandwich
structure. No damage on the front and back skins was observed in the samples
subjected to 2.5, 2.8, 3.3 and 3.4 N s. All of the panels show a dome-shaped back
surface deformation. The panel subjected to an impulse of 4.7 N s exhibited partial
shear at the back surface. Pitting failure occurred at the front face of the panel
subjected to impulse 2.4 N s (localised loading).

Figure 10 shows cross-sections of these sandwich panels. Damage in the
honeycomb core took the form of localised buckling in a cell wall, increasing from
2.8 to 4.7 N s. In the case of localised loading (see Fig. 10a), it is apparent that the

Fig. 6 Cross-sections of the 13 mm thick aluminium skinned honeycomb (a) Impulse = 2.4 N s
(b) Impulse = 2.7 Ns (c) Impulse = 4.6 N s
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Fig. 7 Front and back surfaces of the 30 mm thick aluminium skinned sandwich structures after
blast testing (a) Impulse = 2.8 N s (Panel K1) (b) Impulse = 3.1 N s (Panel K2) (c) Impulse = 4.7 N s
(Panel K3) (d) Impulse = 5.3 N s (Panel K4)
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front skin has been ruptured and the aluminium core is heavily crushed. Following
an impulse of 4.7 N s, delamination and debonding occurred between the front face
and the core.

6.4 Glass-Fibre/Epoxy Skinned Honeycomb Structures

Figure 11 shows photographs of the front and back faces of the 25 mm thick glass-
fibre/epoxy skinned honeycomb core panels subjected to impulses between 1.7 and
4.9 N s. For localised loading (the stand-off distance was 45 mm), a global
deformation mode was apparent following an impulse of 2.3 N s. Pitting damage
of the front face occurs when the impulse is increased to 2.9 N s, whereas when the
impulse increases to 3.3 N s (stand-off distance was 65 mm), the front face
exhibited global deformation but was not damaged.

Following uniform loading at an impulse of 1.7 N s, the specimen showed a
small localised indentation failure on the front face. The global deformation mode
increased with increasing impulse between 2.7 and 4.9 N s (see Figs. (11d–j).

Figure 12 shows sections of these specimens following blast loading. Core
crushing in the cell walls was apparent in the honeycomb core of the glass-fibre/

Fig. 8 Cross-sections view of the 30 mm thick aluminium skinned honeycomb sandwich
structures (a) Impulse = 2.8 N s (b) Impulse = 3.1 N s (c) Impulse = 4.7 N s (d) Impulse = 5.3 N s
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epoxy sandwich specimens directly under the point of loading as seen in
Figs. 11a–c. The glass-fibre skin ruptured at an impulse of 2.9 N s but not at
impulses of 2.3 and 3.3 N s (only delamination/debonding between the face sheet
and the core were observed). Damage following an impulse of 2.3 N s consists of
top surface fibre fracture and localised core crushing. The sandwich panels sub-
jected to an impulse of 2.9 N s exhibited core damage that extended through the
thickness of the core.

During uniform loading, plastic deformation and core crushing in the lower-
most region of the sandwich structure increases with increasing impulse between

Fig. 9 Front and back surfaces of the glass-fibre epoxy/aluminium honeycomb after blast
testing (core thickness = 13 mm) (a) Impulse = 2.4 N s (Panel L1) (b) Impulse = 2.5 N s (Panel
L3) (c) Impulse = 2.8 N s (Panel L2) (d) Impulse = 3.3 N s (Panel L4) (e) Impulse = 3.4 N s
(Panel L5) (f) Impulse = 4.7 N s (Panel L6)
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1.7 and 4.9 N s. The crushing strains are greatest in the central core members
as a result of the greatest applied pressure associated with blast loading [19].
Debonding and delamination between the core and the front skin occurs between
3.8 and 4.9 N s. A small tearing failure on the back face initiates at the boundary of
the sandwich structure is apparent after 4.9 N s (Fig. 11i). The bottom and front
face sheets were left undamaged at impulses between 1.7 and 3.8 N s.

The failure characteristics of the sandwich structure are also influenced by core
thickness. Mode II* failure in the thin sandwich structure occurs at an impulse of
4.7 N s (see Fig. 12f) whereas for the thick sandwich with a composite skin, this
occurs at an impulse of 4.9 N s (see Fig. 12j).

Fig. 9 (continued)
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Fig. 10 Cross-sections of the glass-fibre epoxy/aluminium honeycomb sandwich (core
thickness = 13 mm) (a) Impulse = 2.4 N s (b) Impulse = 2.5 N s (c) Impulse = 2.8 N s
(d) Impulse = 3.3 N s (e) Impulse = 3.4 N s (f) Impulse = 4.7 N s
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7 Quantification of the Damage Within the Sandwich Panels

In this investigation, the failure characteristic of the sandwich panels was signif-
icantly different from the conventional laminated structures [20, 21] examined in
being strongly dependent on the characteristics of the core and skin materials.

Figures 13, 14, 15 and 16 show the variation of the permanent front and back
face displacement with impulse for the aluminium-skinned and the glass/epoxy-
skinned sandwich structures. In most cases, the mid-point deflection increased
linearly with increasing impulse. The front face displacement was generally
greater than the back face displacement. The deflection of the aluminium skinned
sandwich structures for both thicknesses was slightly greater than that of the glass/
epoxy skinned sandwich structures, suggesting that the glass-fibre/epoxy sandwich
panels offer a superior blast performance.

Karagiozova et al. [22] investigated the blast response of sandwich type panels
with steel plates and polystyrene cores and compared them to panels with steel
face plates and aluminium honeycomb cores. They found that as the impulse
increased, the central displacement of both face skins increased as the honey-
comb was able to transmit load through the cell structure to the back face.
The permanent deflection of the back plate is influenced by the velocity attenua-
tion properties of the core. Core efficiency, in terms of energy absorption, is an
important factor for thicker cores. For panels of comparable mass, those with an
aluminium honeycomb core perform better than those with polystyrene cores.

From Fig. 13, for the 13 mm sandwich panels with aluminium skins, the per-
manent front face displacement is 30% greater than the corresponding composite
skinned system. Similar trends were observed in the thick sandwich structures.
Figure 14 shows that the permanent front face displacement for the 25 mm thick
sandwich structures (glass-fibre epoxy skinned) is lower than that of the 30 mm
thick (aluminium skinned) sandwich structures. This behaviour is mainly governed
by the properties of the face sheet. This suggests that the composite skins are
superior at resisting blast loading than aluminium skinned sandwich structures.

The permanent back face displacement recorded in the 13 mm thick sandwich
structures is shown in Fig. 15. It can be seen that the aluminium sandwich
structures exhibits a greater displacement than the composite structures. For
example, after an impulse of 2.7 N s, the back face permanent deformation of the
centre panel aluminium skin is 6.91 mm whereas the composite skin is 4.91 mm.
The permanent back face displacement recorded in the 25 and 30 mm thick
sandwich structures is shown in Fig. 16. It can be seen that the aluminium sand-
wich structures exhibits slightly higher displacements than the composite
structures.

Figures 17, 18, 19 and 20 show the effect of core thickness on the permanent front
and back face displacements. It is clear that the graphs exhibit a similar appearance
for the different thicknesses for both skin types. It was found that the thickness of the
core does not affect the permanent displacement after blast loading.
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Fig. 11 Front and back surfaces of the glass-fibre epoxy face sheet and aluminium honeycomb
core 25 mm thickness after blast testing (a) Impulse = 2.3 N s (Panel M1) (b) Impulse = 2.9 N s
(Panel M5) (c) Impulse = 3.3 N s (Panel M6) (d) Impulse = 1.7 N s (Panel M2) (e) Impulse = 2.7
N s (Panel M3) (f) Impulse = 3.1 N s (Panel M4) (g) Impulse = 3.4 N s (Panel M8) (h) Impulse =
3.8 N s (Panel M7) (i) Impulse = 4.9 N s (Panel M9) (j) Impulse = 4.9 N s (panel M10)
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Fig. 11 (continued)
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The effect of the core thickness on the permanent front face and back face
displacement for the aluminium skinned sandwich structure is shown in Figs. 17
and 18. The graphs do not show any significant difference for the front face
displacement, but the 13 mm core has a greater back face displacement than the
thick sandwich structures. This result is in agreement with the observation that
largest permanent deflections of the back plate occur for material with the highest
density [19].

Figure 19 shows the permanent front face displacement for the glass-fibre/
epoxy skinned sandwich structure. From the graph it is apparent that the 13 mm
thick sandwich structure has a permanent displacement similar to that of the thick
sandwich.

Figure 20 shows the permanent back displacement for the composite sandwich
structures. It is evident that at lower impulses (between 2 and 3 N s) the dis-
placement is very close for both thicknesses, but above an impulse of 3 N s, the 13
thick core exhibits a greater displacement than the 25 mm sandwich structure. For
example, the composite skin in the thin sandwich structures (13 mm thick core)
exhibited a back face deflection of 13.71 mm following an impulse of 4.7 N s,
whereas that specimen of the thick sandwich structures was 10.12 mm following
an impulse of 4.9 N s. Clearly, the thicker core has a high rigidity in flexure
resulting in a lower deflection under blast loading. This is consistent with previous
findings on the impact response of sandwich structure by Park et al. [23] and

Fig. 11 (continued)
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Fig. 12 Cross-section views of the glass-fibre epoxy/aluminium honeycomb core sandwich
(core thickness = 25 mm) (a) Impulse = 2.3 N s (b) Impulse = 2.9 N s (c) Impulse = 3.3 N s
(d) Impulse = 1.7 N s (e) Impulse = 2.7 N s (f) Impulse = 3.1 N s (g) Impulse = 3.4 N s
(h) Impulse = 3.8 N s (i) Impulse = 4.9 N s (j) Impulse = 4.9 N s
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Dear et al. [24]. They found that the impact resistance of a sandwich structure is
greatly influenced by the face sheet type and core thickness. Similar observations
were reported by Hazizan and Cantwell [25], who conducted drop-weight impact
test on glass-fibre reinforced epoxy skin/aluminium core sandwich structure and

Fig. 12 (continued)
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measured the maximum impact force for 13 and 25 mm thick aluminium sandwich
structures. For example, at a 200 mm span, the effect of changing the core
thickness was significant, with the maximum impact force increasing from 354 N
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to 449 N as the core thickness was increased from 13 to 25 mm. Again, this fact is
due to the higher stiffness of the structure with a thicker core, since the bending
stiffness, D, of the sandwich beam increases as the thickness increases. Radford
et al. [26] investigated the dynamic responses of clamped circular monolithic and
sandwich plates of equal areal mass by loading the plates at their mid-span with
metal foam projectiles. The sandwich plates were based on stainless steel face
sheets with an aluminium alloy metal foam cores. It is found that the sandwich
plates offer a higher shock resistance than monolithic plates of equal mass. Further,
the shock resistance of the sandwich plates increases with increasing thickness of
sandwich core.

The permanent deformation of the front and back faces was greater in the
aluminium skin than in the composite skinned sandwich structures, a reflection of
the ability of the aluminium to undergo plastic deformation. The same results were
reported previously by Dear et al. [24] following impact tests on woven glass-fibre
impregnated with epoxy resin and a lightweight aluminium honeycomb core and
aluminium alloy sheet bonded to lightweight aluminium honeycomb core.
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This finding is supported by Shin et al. [27], who investigated on the low-
velocity impact response of four different types of sandwich structures. Impact
parameters such as the maximum contact force, contact time, deflection at the peak
load and absorbed energy were evaluated and compared for different types of
sandwich panels. The impact test results showed that sandwich panels with woven
glass fabric/epoxy face sheet offer a superior impact damage resistance than
sandwich panels with metal aluminium face sheets.

Zhu et al. [28] investigated the effect face-sheet thickness, cell size and foil
thickness of the honeycomb and mass of charge on the structural response of
sandwich panels loaded by blast of face sheet and core configuration. Based on a
quantitative analysis, it has also been found that the face sheet thickness and
relative density of core structure can significantly influence the back face defor-
mation. By adopting thicker skins and a honeycomb core with a higher relative
density, the deflection of the back face can be reduced. Also, for a given panel
configuration, it is evident that the back face deflection increases with impulse, is
an approximately linear fashion.

The blast performance of the sandwich structures was compared to that of the
plain composite laminates by dividing the impulse to give complete failure of the
sandwich structure by its areal density. However, in spite of the fact that all four
types of sandwich structure had been tested to impulses close to that required to
completely destroy the laminates, none of them actually failed completely. For this
reason, the calculated values of specific impulses represent lower bounds for the
data. Figure 21 compares the specific impulses for the sandwich structures with
those for the plain composites discussed earlier. The arrows in the figure indicate
that the exact values of specific impulse for failure are higher. In spite of this, it is
evident that the performance of the sandwich panels is similar to that of the plain
composites, suggesting that, in terms of specific impulse to give complete failure,
there is no significant benefit in employing sandwich structures. Indeed, there is
the disadvantage that the sandwich structures are thicker than the plain laminates.
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The energy dissipated in crushing the core of the sandwich structures was
estimated using the information available in the load–displacement traces shown in
Figs. 2 and 3. Here, the energy dissipated during crush was determined from the
area under the load–displacement trace. This was then normalised by the crush
depth and then by the planar area of the test sample (approximately 900 mm2 in
the present case). This gave an energy per unit volume of 2.04 x106 J/m3 for the
composite sandwich structure and 2.5 x 106 J/m3 for the aluminium-skinned
system. These values were then used to estimate the energy used in crushing the
honeycomb during the blast test. Here, the average crush was determined from the
cross-sections and this was multiplied by the planar area that was crushed. This
gave a value, in Joules, for the energy dissipated in crushing the core material.
Although only an approximate approach, this technique does give an indication of
the energy absorbed in this mechanism.

The estimated energy absorbed in crushing the aluminium honeycomb in the
sandwich structures is given in Table 4. Examination of the table indicated that
energies up to 200 J have been absorbed in this failure mechanism. The infor-
mation in this table is plotted in graphical form in Figs. 22, 23, 24 and 25 where
the energy absorbed is plotted against impulse to investigate the effect of varying
core thickness and skin material. Figures 22 and 23 show the effect of core
thickness on energy absorption for the aluminium and composite-skinned sand-
wich structures respectively. As expected, the energy absorbed in crushing
increases with impulse. Extrapolating the data back to zero energy suggests that
the critical impulse for initiating energy absorption in this mechanism is around
2 N s. From Figs. 22 and 23, it is evident that the thicker sandwiches absorb more
energy than their thinner counterparts. This would be expected since there is a
greater volume of core material in the 30 mm thick laminates. Figures 24 and 25
show the effect of skin type on the energy absorbing process. Clearly, there are
more data points for the composite systems than for the aluminium-skinned
laminates. In spite of this, the evidence suggests that the sandwiches with alu-
minium skins absorb slightly more energy in crushing of the core than their

Fig. 21 The impulse to
initiate lower surface fracture
in the sandwich structures
and composite panels
normalised by areal density
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composite counterparts. This may be associated with the ability of the uppermost
aluminium skin to undergo greater plastic deformation during blast than the
composite skin. It is likely that the uppermost composite skin would fail at rela-
tively low strains due to the limited strain capability of the glass-fibres. In contrast,
the aluminium alloy can deform to higher strains and therefore crush the core to a
greater degree before failing. Given the crudeness of the approach, the trends in
the data appear reasonably clear, giving a useful first estimate of the energy
absorbed in this process.

Table 4 Summary of the
estimated energies absorbed
in crushing the cores of the
sandwich structures

Specimen SOD (mm) Impulse (Ns) Energy (J)

Aluminium
13 mm

J1 45 2.4 21.2
J2 90 2.7 32.9
J3 180 4.6 63.1

Aluminium
30 mm

K1 45 2.8 54.7
K2 90 3.1 97.9
K3 90 4.7 165.1
K4 180 5.3 201.7

Composite
13 mm

L1 45 2.4 20.8
L2 90 2.8 15.4
L3 180 2.5 7.8
L4 90 3.3 32.6
L5 180 3.4 37.4
L6 180 4.7 56.6

Composite
25 mm

M1 45 2.3 22.9
M2 90 1.7 1.8
M3 90 2.7 13.9
M4 180 3.1 7.5
M5 45 2.9 46.4
M6 65 3.3 78.5
M7 90 3.8 56.1
M8 180 3.4 29.8
M9 90 4.9 122.2
M10 180 4.9 99.8

0

50

100

150

200

250

0 1 2 3 4 5 6

Impulse (Ns)

E
n

er
g

y 
ab

so
rb

ed
 (

Jo
u

le
s)

13 mm Thick

30 mm Thick

Fig. 22 Energy absorbed by
the core versus impulse for
the aluminium-skinned
sandwich structures

214 M. Y. Yahya et al.



0

20

40

60

80

100

120

140

0 1 2 3 4 5 6

Impulse (Ns)

E
n

er
g

y 
ab

so
rb

ed
 (

Jo
u

le
s)

13 mm Thick

25 mm Thick

Fig. 23 Energy absorbed by
the core versus impulse for
the composite-skinned
sandwich structures

0

10

20

30

40

50

60

70

0 1 2 3 4 5

Impulse (Ns)

E
n

er
g

y 
ab

so
rb

ed
 (

Jo
u

le
s)

13 mm Aluminium

13 mm Composite

Fig. 24 Energy absorbed by
the core versus impulse for
the sandwich structures with
a 13 mm thick core

0

50

100

150

200

250

0 1 2 3 4 5 6

Impulse (Ns)

E
n

er
g

y 
ab

so
rb

ed
 (

Jo
u

le
s)

30 mm Aluminium

25 mm Composite

Fig. 25 Energy absorbed by
the core versus impulse for
the sandwich structures with
a 30 mm thick core

The Blast Response of Sandwich Structures 215



8 Conclusion

Blast tests on aluminium honeycomb sandwich structures have shown that the
structures with glass-fibre reinforced epoxy skins offer a superior blast resistance
than those with aluminium alloy skins. An examination of the damaged sandwich
structures highlighted failure mechanisms including core crushing, fibre fracture,
pitting, rear surface tearing on the back surface, and top surface indentation. Off
these, it appears that core crushing is the most important energy-absorbing
mechanism. Tests on sandwich structures with different core thickness have shown
that sandwich structures with thicker cores offer a superior energy-absorbing
capacity under blast loading.
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The High Velocity Impact Response
of Self-Reinforced Polypropylene Fibre
Metal Laminates

M. R. Abdullah and W. J. Cantwell

Abstract The high velocity impact response of a range of polypropylene-based
fibre-metal laminate (FML) structures has been investigated. Initial tests were
conducted on simple FML sandwich structures based on 2024-O and 2024-T3
aluminium alloy skins and a Self-Reinforced Polypropylene (SRPP) composite
core. Here, it was shown that laminates based on the stronger 2024-T3 alloy
offered a superior perforation resistance to those based on the 2024-O system.
Tests were also conducted on multi-layered materials in which the composite plies
were dispersed between more than two aluminium sheets. For a given target
thickness, the multi-layered laminates offered a superior perforation resistance to
the sandwich laminates. The perforation resistances of the various laminates
investigated here were compared by determining the specific perforation energy
(s.p.e) of each system. Here, the sandwich FMLs based on the low density SRPP
core out-performed the multi-layer systems, offering s.p.e.’s roughly double that
exhibited by a similar Kevlar-based laminate. A closer examination of the panels
highlighted a number of failure mechanisms such as ductile tearing, delamination
and fibre failure in the composite plies as well as permanent plastic deformation,
thinning and shear fracture in the metal layers. Finally, the perforation threshold of
all of the FML structures was predicted using the Reid–Wen perforation model.
Here, it was found that the predictions offered by this simple model were in good
agreement with the experimental data.
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1 Introduction

Lightweight composite materials are currently finding extensive use in a wide range
of load-bearing engineering applications. Previous work has shown that
fibre-reinforced polymers such as carbon fibre reinforced plastic (CFRP) offer
outstanding strength and stiffness properties as well as a superior resistance to
long–term fatigue cycling [1–3]. One of the frequently cited limitations of fibre-
reinforced plastics is their relatively poor resistance to localised impact loading
[4–6]. Indeed, low velocity impact tests have shown that CFRP suffers a significant
reduction in its load-bearing properties following impact at energies as low as
2 Joules [7]. In addition, a number of workers have shown that many composites
offer a relatively poor resistance to penetration and perforation, failure processes
that are frequently encountered during high velocity impact loading by a low mass
projectile [8–10]. In an attempt to overcome these limitations, a number of
researchers have investigated the possibility of developing hybrid structures based
on, for example, mixtures of glass, Kevlar and carbon fibres [9, 10]. Another
interesting possibility is to develop metal-composite systems such as fibre-metal
laminates (FMLs) based on thin layers of metal and fibre-reinforced composite
material. At present, systems such as glass fibre/aluminium (GLARE), aramid fibre/
aluminium (ARALL) and carbon fibre/aluminium (CALL) are attracting interest
from a wide range of engineering sectors. The mechanical properties of epoxy-
based fibre-metal laminates have been investigated in a number of studies [11–13].

Alderliesten [12] conducted a series of fatigue tests on GLARE and plain
aluminium alloy specimens and found that crack growth rates in fibre-metal sys-
tems were between one and two orders of magnitude lower than in aluminium
alloy samples. Vlot et al. [14] conducted impact tests on GLARE, a monolithic
aluminium alloy and carbon fibre reinforced PEEK. Their results indicated that the
damage threshold energy for this multi-layered material was significantly greater
than values offered by more traditional engineering materials.

The first generation of thermosetting-based fibre-metal laminates suffer a
number of key limitations including long processing cycles, low interlaminar
fracture toughness properties as well as difficulties associated with repair. In an
attempt to overcome many of these problems, a number of novel FMLs based on
thermoplastic matrices have been developed and tested [13, 15]. Thermoplastic-
based fibre-metal laminates offer a number of advantages including very short
processing times, ease of forming, improved chemical resistance, excellent
repairability and superior interlaminar fracture toughness properties. Extensive
testing on a glass fibre-reinforced polypropylene FML has shown that this system
offers an excellent resistance to low and high velocity impact loading conditions
[15]. A subsequent study suggested that FMLs based on a polypropylene fibre
reinforced polypropylene matrix offer an excellent resistance to localised high
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velocity impact loading [16]. In addition, self-reinforced polypropylene systems
combine the versatility and recyclability of thermoplastics with the superior
mechanical properties offered by fibre-reinforced composites.

The aim of this research project is to investigate the impact resistance of a
lightweight fibre-metal laminate based on thin layers of an aluminium alloy and a
self-reinforced polypropylene composite. Particular attention centres on investi-
gating the influence of varying the stacking sequence on the perforation resistance
of these hybrid laminates.

2 Experimental Procedure

The fibre-metal laminates investigated in this study were based on a SRPP com-
posite (Curv from Propex Fabric) and two types of aluminium alloy (a 0.6 mm
thick 2024-O alloy and a 0.8 mm 2024-T3 alloy). Before laminating, the
aluminium and the SRPP sheets were cleaned with acetone in order to remove any
dust, oil or grease. Optimum adhesion across the composite metal interface was
ensured by placing a 60 micron thick thermoplastic interlayer (Gluco from Gluco
Ltd, Leeds, UK) at each common interface. This low-viscosity polymer interlayer
offers excellent flow characteristic and improved interlocking with the surface of
the metal.

Table 1 gives a summary of the materials investigated in this research study.
The fibre-metal laminates were manufactured by stacking the appropriate
number of composite plies, aluminium sheets and interlayer films in a picture-
frame mould and placing the stack in a press. The laminates were then heated
to 165�C at a rate of approximately 10�C/min before being cooled to room
temperature at a rate of approximately 5�C/min. Once the press had cooled to a
temperature below 60�C, the panel was removed from the mould and visually
inspected for defects. A schematic illustration of a 4/3 FML is shown in Fig. 1.
Details of the lay-ups and stacking configurations studied in this research
programme are given in Table 2

A nitrogen gas gun was used to evaluate the high velocity impact response of
the FMLs. Figure 2 shows a schematic representation of the gas gun test facility
used in this study. Square plates with an edge length of 100 mm were clamped in a
steel support with a 75 mm square aperture. The rig was then bolted to a steel
block and a velocimeter was placed between the end of the barrel and the target to
measure the velocity of the projectile (Fig. 3a, b). Here, the velocimeter ensured a
minimum accuracy in measuring the impact velocity of 99.6%. Impact testing was
conducted using a 46.7 g steel projectile with a 12.7 mm diameter hemispherical
head (Fig. 3c). The velocity of the projectile was controlled by adjusting the
pressure in the main chamber of the gas gun shown in Fig. 2.

Impact testing was conducted over a range of impact energies until complete
perforation of the FML target was achieved. The resulting perforation energy
was then used to calculate the specific perforation energy of the target by
normalising the measured perforation energy by the areal density of the target.
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In order to achieve a greater understanding of the impact behaviour of the
FMLs, a series of impact tests were carried out on the plain aluminium alloy
and the SRPP composite. After testing, the specimens were removed from the
gas gun, sectioned, polished and then viewed under an optical microscope in
order to elucidate the failure mechanisms during impact. The specimens were
sectioned through the point of impact using a band-saw and ground using 1200
grit silicon carbide paper.

Following impact testing, the maximum out-of-plane displacement in the
impacted samples was measured in order to characterise the impact response of

Fig. 1 Schematic illustration of the manufacturing procedure for a 4/3, Self-reinforced
polypropylene fibre-metal laminate

Table 1 Summary of the materials investigated in this research programme

Material Grade Supplier Density
(kg/m3)

Aluminium
Alloy

2024-T3 (0.8 mm thick) Alcan 2,770
2024-O (0.6 mm thick) Alcan 2,770

Curv Woven polypropylene
fibre/Polypropylene matrix

Propex
Fabric

920

Gluco Polypropylene adhesive film 55 g/m2 Gluco Ltd.
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the FML specimens. Here, tangents were drawn to the deformed portions of the
specimen, and the displacement, d, was measured from the point of intersection of
these tangents to the initial, undeformed shape, as shown in Fig. 4. Although this
method is somewhat crude, it does yield useful information on the energy-
absorbing capacity of the specimens.

3 The Perforation Model

The perforation threshold energy for the FMLs was predicted using the perforation
model developed by Reid and Wen [17]. Here, it is assumed that when a laminate
is perforated by a projectile at high velocities, the mean pressure (r) applied to the
projectile by the target can be separated into two components: one associated with

Fig. 2 Schematic illustration of the gas gun used for conducting the high velocity impact tests

Table 2 Details of the lay-ups and stacking configurations investigated in this study

Lay-up Stacking configuration Average thickness (mm) Areal density
(kg/m2)

Al 2024-O and SRPP composite
O2/1 Al/SRPP/Al 1.75 4.06
O3/2 Al/SRPP/Al/SRPP/Al 2.85 6.28
O4/3 Al/SRPP/Al/SRPP/Al/SRPP/Al 3.88 8.48
O5/4 Al/SRPP/Al/SRPP/Al/SRPP/Al/SRPP/Al 4.89 10.69
Al 2024-T3 and SRPP composite
T32/1 Al/SRPP/Al 2.06 4.97
T33/2 Al/SRPP/Al/SRPP/Al 3.28 7.62
T34/3 Al/SRPP/Al/SRPP/Al/SRPP/Al 4.53 10.31
T35/4 Al/SRPP/Al/SRPP/Al/SRPP/Al/SRPP/Al 5.73 12.96
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the cohesive static resistive pressure due to elastic–plastic deformations within the
laminate (rs), and a second associated with the dynamic resistive pressure (rd)
associated with loading rate effects [17]. This can be written as:

r ¼ rs þ rd ð1Þ

It is also assumed that the cohesive static resistive pressure is equal to the static
linear elastic compression limit (re) in the through-thickness direction, i.e. rs = re,
and that the dynamic resistive pressure (rd) can be written as:

rd ¼ Cðqs=reÞ1=2Vire ð2Þ

Fig. 4 Method employed for
measuring the permanent
displacement of the target

Fig. 3 (a) Schematic of the specimen support (b) details of the support frame shown in plan and
side view and (c) the hemispherical-ended projectile used during impact testing
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Where, qt and Vi represent the density of the laminate and the initial projectile
velocity respectively. The term C is a constant having a value of 1.5 for a
hemispherical projectile [17].

Equation 1 can therefore be written in the form:

r ¼ 1þ C

ffiffiffiffiffi

qt

re

r

Vi

� �

re ð3Þ

Reid and Wen showed that the perforation energy of a composite laminate
when struck transversely by a rigid projectile at high velocity is given as [17]:

Ep ¼
pD2Tr

4
ð4Þ

where T is the thickness of the laminate and D is the diameter of the projectile.
Substituting Eq. 3 into Eq. 4 gives:

Ep ¼
pD2T

4
1þ C

ffiffiffiffiffiffi

qt

re

r

Vb

� �

re ð5Þ

Knowing that Ep = � mV2, the perforation velocity can be written as [17]:

Vb ¼
pC

ffiffiffiffiffiffiffiffiffi

qtre
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D2T
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1þ

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi

1þ 8m

pC2qtD2T

s" #

ð6Þ

This equation was used to predict the perforation threshold of the FMLs
examined in this study.

4 Results and Discussion

4.1 Characterisation of the Residual Deformation
in the Impacted FMLs

The impact response of the FMLs was investigated by measuring the residual dis-
placement in the impact-loaded structures. Generally, the residual deformation
of an FML specimen following impact testing was similar to that of plain
aluminium alloy. Clearly, due to the ductility of the aluminium plies, deformation of
the FMLs was not limited to the zone surrounding the impact location. It is inter-
esting to note that only that part of the specimen clamped within the test frame was
undeformed at the end of impact event, whereas the remainder of the sample
exhibited a pronounced concavity. In contrast, examination of the plain SRPP
specimens showed that residual displacements in these laminates were very small up
to the perforation threshold. It is likely that the composite laminates exhibit a very
localised form of target response following high velocity impact loading. These
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findings have been reported elsewhere where it has been shown that composites
revert back substantially to their original shape after impact, with only a small region
of permanent damage occurring around the entrance and exit points [18].
This suggests that elastic deformations in the SRPP plies were responsible for
absorbing energy during the impact tests. In this study, no attempt was made to
measure the permanent displacement of the plain composite.

Figure 5 summarises the non-dimensional permanent deformation recorded in
the 2/1 FMLs following high velocity impact testing. Here, the residual dis-
placement normalised by the initial specimen thickness is plotted against the
normalised impact energy (the incident energy, Es divided by the perforation
energy, Ep). This allows a comparison of a wide range of stacking sequences and
laminate thicknesses. The figure shows that the residual permanent displacement
in the targets increases with increasing incident impact energy, reaching a plateau
as the perforation threshold is approached. At low and intermediate incident
energies, the permanent displacement in thin and intermediate thickness laminates
increases rapidly before tending to plateau. Apparently, at normalised energies of
approximately 1.0, there is no significant increase in normalised displacement.
These roughly constant values of normalised displacement are due to the fact that

Fig. 5 Non-dimensional
maximum permanent
displacement versus
normalised impact energy
of the FMLs based-SRPP
(a) O2/1 and (b) T32/1
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the absorbed energy remains constant beyond the perforation velocity, i.e. the
maximum energy which the laminates can absorb during the impact event occurs
at the perforation threshold [19, 20]. Above this limit, the absorbed energy
remained constant with increasing impact velocity. In other words, when the
impact velocity is greater than the perforation velocity, the energy absorbed by the
laminates is the same or possibly less than at the perforation energy. Furthermore,
under low impact velocity, the contact time between the projectile and the lami-
nate is relatively long and the incident momentum high. As a result, the whole
laminate has time to respond and there is sufficient time for the laminate to
undergo progressive deformation. In contrast, faster projectiles penetrate the
laminate in a shorter time and it is likely that the particle may not have enough
time to accelerate the whole structure and therefore most of the available energy is
dissipated over a small zone immediate to the point of contact. In the case of
thicker laminates, the permanent displacement increases slowly before tending to a
constant value as the perforation threshold is approached. Clearly, the thick
laminates offer a very high bending stiffness leads to much higher impact forces
thus causing energy absorption through damage in the laminate.

Figure 6 shows the maximum permanent displacement at the perforation
threshold for the 2024-T3 and 2024-O laminates. Again, the critical out-of-plane
deformation, dmax, for the 2024-O laminates is roughly constant for all of the
laminates, averaging approximately 12 mm regardless of the plate configuration or
target thickness. Similarly, the average of dmax for the 2024-T3 system is also

Fig. 6 Maximum permanent
out-of-plane displacement at
the perforation threshold for
the 2024-O and 2024-T3
laminates
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roughly constant, averaging approximately 10 mm over the range of laminates
investigated. It is believed that the lower value of dmax for the T3 FMLs results from
the increased thickness of these layers, the lower strain to failure of this alloy as
well as the change in failure mode (thinning to shear)during impact. The fact that
the maximum rear surface deformation of the targets remains roughly constant as
the thickness of the target is increased suggests that the aluminium layers may
deform independently of each other during the perforation process. Here, the low
modulus of the self-reinforced composite allows the aluminium plies to deform in a
quasi-independent manner when loaded in flexure. As observed previously, the out
of plane displacement of these plies can lead to localised membrane stretching
which in turn leads to enhanced energy absorption. This was investigated further by
conducting tests on aluminium samples that were bonded using an unreinforced
polypropylene adhesive. The perforation energies of these systems were not as
impressive as their composite counterparts indicating that the composite makes a
positive contribution to the perforation process rather than simply acting as a low
modulus adhesive holding the aluminium sheets together. Indeed, the room
temperature Izod fracture energy of the composite is very high (4750 J/m)[21]
suggesting that considerable energy is also absorbed in fracturing these layers
during the perforation process. This will be investigated further in the following
section where the volume fraction of composite in the FMLs is varied.

4.2 Impact Failure Mechanisms

The failure processes in the impact-loaded FMLs were initially investigated by
examining the front and rear surfaces of the impact-damaged samples. Initial
fracture in the 2024-O 2/1 FML following a 33.6 J impact is shown in the low
magnification micrographs presented in Fig. 7a. Here, damage takes the form of a
large top surface dent and a localised crack parallel to the rolling direction of the
rearmost aluminium layer. Similar failure mechanisms have been observed in
GLARE laminates tested under low velocity impact conditions [22]. With
increasing energy, the length of the rear surface crack increased as did the size of
the top surface dent. At the perforation threshold, the passage of the projectile
through the target produced a relatively clean hole with a diameter similar to that
of the steel projectile, Fig. 7b. Clearly, the perforation process involves significant
local ductility in both the aluminium and composite plies as well as fracture of the
constituent materials. The mechanisms of damage initiation in the thicker 2024-O
4/3 laminate were similar to those observed in its thinner 2/1 counterpart with
initial failure occurring in the rear surface layer parallel to the rolling direction of
the aluminium, Fig. 8a. At higher energies, a large dent and then a circular crack
develop around the impactor and the uppermost composite and metal plies begin to
be pushed through the rear surface opening, Fig. 8b. Finally, at the perforation
threshold, the projectile passes through the target leaving a relatively clean hole
and limited petalling at the rear surface (Fig. 8c). Figure 9a shows damage in the
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5/4 T3 laminate where initial failure again took the form of top surface denting
coupled with a split in the lowermost aluminium ply parallel to the rolling
direction. At the perforation threshold, a circular hole was visible in the top surface
ply and localised petalling of the rear aluminium layer. Typically, there were three
dominant petals in these perforated samples with minor ones propagating between
them. In the 4/3 and 5/4 laminates, the projectile frequently remained embedded in
the target at impact energies just below the perforation threshold. It is worth noting
that in the 4/3 and 5/4 laminates, the projectile frequently remained embedded in
the target at impact energies just below the perforation threshold. A careful
examination of the impact chamber indicated that the penetration and perforation
processes produced very little debris. In most cases, only a small number of
composite fragments and a dish-shaped plug were observed, Fig. 10.

The failure processes in the impacted specimens were further investigated by
sectioning a number of samples transversely through the center of impact after
testing. The cross-sections were then polished and examined under an optical
microscope. The subsequent development of damage with increasing impact
energy in the 2/1 and 5/4 FML configurations is presented in Figs. 11 and 12
respectively. In the 2024-O 2/1 laminate at lower impact energies, the lower
surface aluminium fractures and the upper surface ply exhibits localised thinning
around the point of impact, Fig. 11a. It is believed that this thinning process results
from membrane stretching and subsequent yielding in the thin aluminium plies

Fig. 7 Low magnification optical micrographs of the impact-damaged 2024-O 2/1 FMLs (i)
impacted surface and (ii) rear surface
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during the impact process. Following an impact energy of 46.2 J, Fig. 11b, fracture
of upper and lower aluminium plies is observed as well as localised fracture in
composite core of this sandwich structure. Finally, at the perforation threshold,
projectile passes through the target, a process that involves significant plastic
deformation in the zone of material immediate to the impact location Fig. 11c.
Similar failure processes were observed in the corresponding 2024-T3 laminates,
Figs. 11d–f although evidence of shear fracture in the aluminium layers was
observed at intermediate energies. The processes of damage initiation and sub-
sequent target perforation were similar in the 3/2 and 4/3 laminates. Once again
thinning of the aluminium plies was observed around the point of impact in the

Fig. 8 Low magnification optical micrographs of the impact-damaged 2024-O 4/3 FMLs
(i) impacted surface and (ii) rear surface
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2024-O laminates at intermediate impact energies whereas shear fracture was more
pronounced in the T3 systems. Typical examples of localised thinning and shear
fracture of the aluminium plies are shown in Fig. 13. A closer inspection showed
that delamination and ductile tearing within the composite plies were more pro-
nounced in the T3 systems than in their 2024-O counterparts. Interestingly,
Hagenbeek stated that transverse shear failure such as that observed in the T3
system can act as a precursor to delamination in FMLs [22]. Failure in the 5/4
laminates tended to initiate in the upper part of the target immediate to the point of
impact, Fig. 12. Here, the passage of the projectile through the target precipitated
failure of the aluminium alloy immediately under the point of impact. As previ-
ously observed, localised thinning of the aluminium was observed in the 2024-O
FMLs whereas transverse shear fracture was apparent in the T3 laminates.

Fig. 9 Low magnification
optical micrographs of the
impact-damaged 2024-T3 5/4
FMLs (i) impacted surface
and (ii) rear surface

Fig. 10 Dish-shaped plug
ejected from an impacted-
loaded target
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Once again, delamination and ductile tearing within the composite layers was
more pronounced in the T3 system that in its 2024-O counterpart.

4.3 Perforation Resistance of the FMLs

The impact response of the FMLs was investigated by determining the perforation
threshold of each system investigated during the course of this study. Here, test
specimens were subjected to increasing impact energies until complete perforation
of the target was achieved. Figure 14 compares the perforation resistances of the
2/1 FMLs based on the 2024-T3 and 2024-O alloys where the perforation energy is
plotted against the thickness of composite in the FML sandwich. In these lami-
nates, the thickness of the composite core sandwiched between the outer alu-
minium plies was increased from approximately 0.5 mm to 6.6 mm. In the figure,
the two points on the y-axis correspond to laminates based on two aluminium plies
bonded by a single layer of unreinforced polymer adhesive. Therefore, these points
effectively correspond to laminates with a composite core thickness equal to zero.
Clearly, the perforation resistance of both types of FML increases with increasing

Fig. 11 Low magnification
optical micrographs of
polished sections of 2/1
FMLs subjected to various
impact energies (i) 2024-O
(ii) 2024-T3
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target thickness. For example, the perforation resistance of the 2024-T3 system
with a 6.5 mm composite core was more that three times greater than that of the
thinnest system. It is also evident that the 2024-T3 fibre-metal laminates out-
perform their 2024-O counterparts. The difference between the two laminate types
is most pronounced in the thinner laminates, where the perforation resistance of
the 2024-T3 FML is almost double that of its 2024-O counterparts. This difference

Fig. 12 Low magnification optical micrographs of polished sections of 5/4 FMLs subjected to
various impact energies, (i) 2024-O 5/4 and (ii) 2024-T3 5/4

Fig. 13 Optical micrographs showing (a) thinning of the aluminium plies in a 2024-O laminate
and (b) shear fracture of the aluminium plies in a 2024-T3 laminate
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reduces as the laminate thickness is increased. It should be noted that the 2024-T3
aluminium is thicker than that of its 2024-O counterpart and this is likely com-
plicate comparisons between the two systems. However, tensile tests have shown,
however, that the higher strength 2024-T3 alloy absorbs considerably more energy
up to fracture (i.e. a larger area under the stress–strain curve) than the 2024-O
alloy and this appears to be translated into a superior energy absorbing capacity
under impact loading. Included in Fig. 14 are perforation data resulting from tests
on the plain composite material. Clearly, the impact resistances of both types of
FML are superior to that offered by the composite material.

The solid lines in Fig. 14 represent the predictions of the Reid–Wen model.
From the figure, it is clear that the model predicts the perforation resistances of the
two types of FML as well as the plain composite with a high degree of success.
Here, values of the static linear elastic compression limit (re) of 131, 192 and 247
MPa were obtained for the plain composite, the 2024-O and the 2024-T3 systems
respectively, Table 3. As expected the computed value of re was higher for the
FMLs than the plain composite and re was higher in the stronger T3 FMLs than in
the 2024-O laminates.

Fig. 14 The variation of the
perforation energy with
thickness of the composite
core for the 2/1 FMLs.
Included in the figure are the
perforation thresholds of the
plain composite. The solid
lines represent the predictions
of the perforation model

Table 3 Summary of the
static linear elastic
compression limit (re) data
for the families of systems
examined here

Material System Static linear elastic
compression limit
(re) MPa

Plain composite 131
2024-O 2/1 laminates 192
2024-T3 2/1 laminates 247
2024-O multi-layer laminates 224
2024-T3 multi-layer laminates

(0.8 mm plies)
338

2024-T3 multi-layer laminates
(0.3 mm plies)

208
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Figure 15a and b compares the perforation resistances of the multi-layered
systems. Here, impact tests were undertaken on 2/1, 3/2, 4/3 and 5/4 laminates as
well as on an supplementary 10/9 system based on the 2024-O alloy. As previously
observed, the FMLs based on the stronger aluminium alloy out-perform their
2024-O counterparts, Figure 15a. Again, the properties of the aluminium alloy has
the greater influence (in percentage terms) in the thinnest FMLs where the per-
foration resistance of the T3 FML was approximately double that associated
with the corresponding 2024-O system. Figure 15b present the data shown in
Figure 15a normalised by the thickness of the target. The data again support the
conclusion that the T3 laminates (particularly at low target thickness) outperform
their 2024-O counterparts. It is interesting to note that the data in Fig. 15b indicate
that a laminate thickness of approximately 5 mm represent the optimum config-
uration. At values above this threshold, the normalised perforation energy begins
to fall.

The solid lines in Fig. 15a correspond to the predictions of the Reid–Wen
model discussed previously. The resulting values of re are presented in Table 3
where it is again clear that the T3 system offers the higher value of re. Once again,
the perforation model predicts the impact resistances of the laminates with some
success. Clearly, the model over-estimates the perforation resistance of the 10/9
system, this may be due to the use of an inappropriate value of re for predicting the
perforation resistance of this laminate. It is possible that the parameter, re exhibit a
thickness dependency, whereby it decreases with increasing target thickness.
Further work is needed to fully investigate this.

Figure 16 compares the perforation resistances of T3 laminates based on thin
(0.3 mm) and thick (0.8 mm) aluminium plies. The figure clearly shows that for a
given target thickness, laminates with thicker aluminium plies offer a superior
impact resistance to those based on thin plies. This results from the fact that, for a
given target thickness, the volume fraction of aluminium in the FMLs based on 0.8
mm thick aluminium is greater than in the 0.3 mm FMLs. Given the fact that, for a
given target thickness, the perforation resistance of the aluminium is superior to

Fig. 15 a Comparison of the perforation resistances of the multi-layered 2024-O and 2024-T3
FMLs, b comparison of normalized perforation resistances of the multi-layered 2024-O and
2024-T3 FMLs
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that of the plain composite, it is not surprising that laminates based on thicker
metal plies offer a superior impact resistance. If the data in Fig. 15 are re-plotted as
a function of the thickness of aluminium within the composite, the two sets of data
appear to collapse onto one line suggesting that ply thickness has a secondary
effect on the perforation characteristics of these laminates. Included in Fig. 16 are
the predictions for the perforation thresholds of the laminates based on 0.3 mm
thick plies. Here, it is evident that once again the model successfully predicts the
perforation resistance of these FMLs over the range of thicknesses considered. It is
worth noting that the 6.7 mm thick system in this figure corresponds to a 10/9
laminate, a case where the model over-estimated the perforation threshold in the
thicker 0.8 mm FMLs, Fig. 15a.

Figure 17 summarises the effect of stacking configuration on the perforation
resistance of the T3 system. Here, the perforation resistances of the multi-layered
systems are compared with those of the 2/1 laminates. The figure shows that for a
given target thickness, the multi-layered FMLs outperform their 2/1 counterparts.
As before, for a given target thickness, the multi-layered FMLs contain a greater
amount of aluminium alloy and therefore offer a superior impact resistance.

In the final part of this study, the impact resistance of the SRPP FML system
was compared to values determined from high velocity tests on similar materials.
One of difficulties in comparing data from tests on different materials is that the
target thicknesses and densities vary from system to system. Previous work to
compare the impact resistance of fibre-metal laminates has involved the determi-
nation of the specific perforation resistance or what is sometimes referred to as an
impact energy per unit weight [22]. This type of normalising procedure has been
used to compare the ballistic impact resistance of fragment barriers and other types
of arresting systems [23]. The perforation resistances of the various hybrid
structures investigated in this research programme were therefore compared by
determining the specific perforation energy (s.p.e.) of each laminate. Here, the
s.p.e. values of the laminates were calculated by normalising the measured per-
foration energy by the areal density of the specimen.

Fig. 16 Comparison of the
perforation resistances of
2024-T3 laminates based on
thin (0.3 mm) aluminium
plies\it\text (filled circles) and
thick (0.8 mm) aluminium
plies \it\text(open circles)
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Figure 18 presents the specific perforation energies of the FMLs investigated in
this research study. Here, the FMLs are grouped according to the alloy type and
stacking configuration (2/1 or multi-layer laminate. Included in the figure is the
associated specific perforation energy of the aluminium alloy used for each family
of laminates. The specific perforation energies of the 2/1 laminates based on the
2024-O alloy increase rapidly as the laminate thickness is increased. The s.p.e. of
the thinnest 2/1 laminate is just above that of the plain aluminium alloy. However,
as the thickness of the low density composite core increases, so does the specific
perforation energy. The value corresponding to the thickest 2/1 laminate repre-
sented the highest value of s.p.e. recorded in this study. Interestingly, the s.p.e.
values for the multi-layer 2024-O laminates were less impressive. Indeed,
the s.p.e. of the 10/9 laminate was lower than that of the corresponding 5/4 system.
Although the incorporation of increased amounts of aluminium increased the
absolute perforation resistances of the FMLs, its relatively high density reduced
their specific perforation resistances. The third grouping of laminates in Fig. 17
shows that the s.p.e. values of T3 2/1 laminates increases rapidly with increasing
core thickness. It is interesting to note the performance of the thickest of these
laminates was similar to that exhibited by the corresponding O laminates, a fact
that emphasises the predominating contribution of the thick composite cores in
these laminates. In contrast, the multi-layer T3 laminates out-perform their O
counterparts, these being laminates in which the volume fraction of aluminium
was high in all cases. Once again, increasing the thickness of these multi-layer
systems eventually results in a reduction in the specific impact performance of
these systems. The data in Fig. 17 show that the specific perforation energies of the
thicker FMLs greatly exceed the values associated with the aluminium alloy.

Figure 19 compares the specific perforation energy of the 2024-T3 3/2 FML
with previously-published data following impact tests on a range of woven
thermoplastic-matrix composites (glass fibre reinforced polypropylene, glass/PEI, a
glass fibre PA6,6, and a Kevlar PA 6,6 composite) and a thermosetting-matrix
laminate (a woven glass fibre/phenolic) [16]. The superiority of the self-reinforcing

Fig. 17 Comparison of the
perforation resistances of
multi-layered FMLs and 2/1
FMLs based on 0.8 mm thick
aluminium plies
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system examined here is clearly evident. It is interesting to note that the s.p.e. of this
self-reinforced system is more than 250% higher than that measured on a compa-
rable Kevlar-based FML. When the data are presented in term of perforation energy
rather than s.p.e, the self-reinforced system continue to exhibit an excellent resis-
tance to impact although the improvements relative to other systems are somewhat
reduced due to the fact the SRPP system offers a low areal density. As previously

Fig. 18 Comparison of the specific perforation energies of the 2024-O and 2024-T3 (based on
0.8 mm thick aluminium plies). The dimensions in brackets correspond to the thicknesses of the
2/1 laminates

Fig. 19 Comparison of the
specific perforation energy of
the 2024-T3 3/2 FML with
previously-published data
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stated, it is believed that the low modulus composite plies allow the metal layers to
deform independently during the impact process facilitating energy absorption
through membrane stretching and gross plastic deformation. The other laminates in
Fig. 19 are based on stiffer fibres that may restrict this deformation process in the
FMLs, thereby reducing their perforation resistance. The evidence in Fig. 19
suggests that FMLs based on combinations of thin layers of aluminium and SRPP
offer significant potential for use in the design of impact resistant structures.

5 Conclusions

The high velocity impact performance of a range of fibre-metal laminates based on
a self-reinforced polypropylene has been studied. It has been shown that these
hybrid laminate systems offer potential for use in lightweight energy-absorbing
structures. Impact tests have shown that multi-layer FMLs based on the stronger
2024-T3 alloy offer a superior perforation resistance to those based on a 2024-O
alloy. The superior perforation resistance of the 2024-T3 system over the 2024-O is
likely to be due to the superior energy-absorbing behaviour of the aluminium alloy
in the former. A detail examination of the perforation zone indicated that significant
thinning of the aluminium plies had occurred during the perforation process. It is
postulated that the low modulus composite plies in the FMLs allow the aluminium
layers to deform independently, absorbing significant energy through localised
membrane stretching. In addition, the high strain to failure of the polypropylene
fibres with the composites allow large amounts of energy to be absorbed in the
failure process thereby enhancing the perforation resistance of these layered
structures.

It was observed that the highest specific perforation energy was offered by a
simple sandwich construction based on a thick composite core and thin outer
aluminium plies. An examination of the failed laminates showed that membrane
stretching, plastic deformation and shear fracture in the aluminium layers as well
as plastic drawing, delamination and ductile tearing in the composite plies were the
primary energy-absorbing mechanisms in these laminates. The perforation resis-
tance of these polypropylene fibre-based FML structures can be predicted using a
simple model previously used to predict the impact response of composite
materials.
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